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The  past  few  decades  have  seen  outstanding  advances  in  the  use  of  composite  materials  in  structural  applications.  There 
can  be  little  doubt  that,  within  engineering  circles,  composites  have  revolutionised  traditional  design  concepts  and  made 
possible  an  unparalleled  range  of  new  exciting  possibilities  as  viable  materials  of  construction.  Composite  Structures,  an 
International  Journal,  disseminates  knowledge  between  users,  manufacturers,  designers  and  researchers  involved  in 
structures  or  structural  components  manufactured  using  composite  materials. 

The  journal  publishes  papers  which  contribute  to  knowledge  in  the  use  of  composite  materials  in  engineering 
structures.  Papers  may  be  on  design,  research  and  development  studies,  experimental  investigations,  theoretical 
analyses  and  fabrication  techniques  relevant  to  the  application  of  composites  in  load-bearing  components  for 
assemblies.  These  could  range  from  individual  components  such  as  plates  and  shells  to  complete  composite  structures. 
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Foreword 


The  present  volume  comprised  of  a  collection  of  in¬ 
vited  papers  from  outstanding  international  composite 
specialist  during  Composite  Specialist  Workshop  held  in 
Melbourne,  Australia,  on  18  November  1999.  This  one- 
day  workshop  was  held  after  the  10th  International 
Conference  on  Composite  Structures  (ICCS-10).  The 
focus  of  this  workshop  was  on  the  “Experimental  Val¬ 
idation  of  Theoretical  Predictions  for  Composite 
Structures.”  Many  papers  in  this  volume  reflect  new 
trends  and  present  work  carried  out  on  a  global  scale. 

Although  composite  technology  has  been  around  for 
more  than  40  years,  it  is  rapidly  transitioning  from  ad¬ 
vanced  aerospace  materials  into  civil,  sporting,  and  even 
medical  industry.  For  the  past  10  years,  there  has  been  a 
phenomenal  increase  in  the  production  of  composite 
structures.  At  the  same  time,  manufacturing  cost  has 
been  decreasing  as  improvements  in  processing  methods 
have  emerged.  All  these  enhancements  in  the  composites 
industry  are  largely  due  to  advances  in  analytical  tools 
for  analyzing  composite  structures  before  production  of 
a  part.  However,  many  analytical  predictors  have  not 
been  matched  by  equivalent  experimental  corrobora¬ 
tion.  There  are  increasing  trends  towards  theoretical 
solutions  to  problems  in  structural  application  of  com¬ 
posites  with  an  opposite  trend  in  experimental  studies. 
This  in  effect  raises  questions  on  the  appropriateness 
and  validity  of  such  analytical  predictors  along  with 
accuracy  that  can  reasonably  be  expected  when  applied 
to  the  design  or  assessment  of  composite  structures.  This 
is  especially  evident  in  study  of  long-term  durability  of 
composite  structures. 

This  workshop  redressed  aforementioned  imbalances 
by  focussing  on  experimental  methodology  that  has 
been  employed  to  corroborate  theoretical  studies  on 


composite  structures.  I  believe  this  workshop  provided  a 
good  summary  on  the  present  status  of  experimental 
methodology  applied  to  composite  structures  from  an 
international  perspective. 

The  Asian  Office  of  the  Aerospace  Research  and 
Development  (AOARD),  a  detachment  of  US  Air  Force 
Office  of  Scientific  Research  (AFOSR),  located  in  To¬ 
kyo,  Japan,  co-sponsored  both  ICCS  and  the  Specialist 
Workshop.  Throughout  the  year,  AFOSR/AOARD 
sponsors  many  technical  conferences  in  Asia  to  promote 
science  and  technology.  We  hope  that  supporting  a 
conference  and  publishing  a  special  issue  such  as  this 
will  further  advance  the  composite  materials  and  struc¬ 
tures  technology.  It  is  one  of  our  main  tasks  of  AOARD 
to  bring  together  material  experts,  space  scientists,  and 
theorists  from  different  fields  and  to  give  them  the  op¬ 
portunity  to  discuss  and  compare  their  results.  We  feel 
that  this  will  contribute  to  the  achievement  of  a  deeper 
understanding  and  increase  value  to  those  results 
through  multi-disciplinary  research  in  various  fields  of 
international  co-operation. 

A  special  acknowledgement  of  gratitude  is  extended 
to  Professors  Ian  H.  Marshall  and  Rhys  Jones  at 
Monash  University,  Melbourne,  who  worked  tirelessly 
to  organize  the  ICCS,  Specialist  Workshop  and  to 
publish  this  work.  My  many  thanks  to  all  those 
individuals  at  Melbourne;  who  made  the  workshop  a 
success. 

Thomas  D.  Kim 

Asian  Office  of  Aerospace  Research  and  Development 
( AFOSR/AOARD ),  7-23-17  Roppongi,  Minato-ku 

Tokyo  106,  Japan 
E-mail  address:  kimt@aoard.af.mil 
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Preface  * 


This  Issue  forms  the  Proceedings  of  the  International 
Workshop  on  Experimental  Validation  of  Theoretical 
Predictions  for  Composite  Structures ,  held  at  Monash 
University,  Melbourne,  Australia  on  18  November 
1999.  The  Workshop  was  sponsored  by  the  Department 
of  Mechanical  Engineering  of  Monash  University  with 
the  support  of  US  Air  Force  Office  of  Scientific  Re¬ 
search  -  AOARD.  Composite  structures  specialists  from 
nine  countries,  namely  Australia,  Italy,  Korea,  The 
Netherlands,  Portugal,  Singapore,  Taiwan,  UK  and 
USA  brought  a  wide  geographical  perspective  to  the 
theme  of  the  Workshop. 

Clearly,  the  topic  of  experimental  validation  em¬ 
braces  a  broad  area  of  study  with  manifold  interpreta¬ 
tions.  However,  the  central  thrust  focuses  on  the  need 
for  a  degree  of  confidence,  by  those  charged  with  the 
design  or  assessment  of  composite  structures,  on  in¬ 
creasingly  sophisticated  analytical  predictions.  There  is 
no  doubt  that  theoretical  and  computational  tools  have 
been  dramatically  enhanced  in  the  last  decade  or  so 
thereby  allowing  greater  flexibility  and  increasing  accu¬ 
racy  of  solution.  Although  the  benefits  are  inescapable, 
theoretical  predictions  are  to  some  extent  entering  un¬ 
charted  ground,  which  a  generation  ago  would  have 
been  corroborated  by  experimental  evidence.  However, 
it  is  often  extremely  difficult  to  design  an  experiment 


that  adequately  reflects  a  complex  situation  without  re¬ 
sorting  to  full  scale  testing,  which  is  in  many  cases  im¬ 
practical.  The  corollary  being  a  level  of  uncertainty 
amongst  those  at  the  frontiers  of  theoretical  or  compu¬ 
tational  knowledge. 

This  is  further  exacerbated  by  a  growing  tendency 
towards  theoretical  advances  in  the  general  area  of 
composite  structures  over  the  last  decade  or  so. 

The  present  International  Workshop  aims  to  redress 
this  imbalance  in  some  small  way  and  thereby  assist  in 
putting  present  analytical  capabilities  into  perspective.  It 
is  hopeful  that  the  present  volume  will  act  as  a  catalyst 
for  future  developments  in  this  area  and  underline  a 
need  for  theory  and  experiment  to  work  in  parallel. 

We  wish  to  thank  the  Air  Force  Office  of  Scientific 
Research  -  AOARD  for  their  contribution  to  the  suc¬ 
cess  of  this  Workshop: 
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Abstract 

A  full-scale,  co-cured,  carbon  fibre  composite  control  surface  representative  of  those  found  on  mid-size,  jet  transport  aircraft  has 
been  designed  and  tested.  It  was  designed  as  a  postbuckling  blade-stiffened  structure  to  reduce  weight  and  improve  operational 
performance  compared  with  a  honeycomb  sandwich  panel  design  traditionally  used  in  such  structures.  The  purpose  of  the  tests  was 
to  demonstrate  the  validity  of  the  design  methodology  by  applying  static  limit  and  ultimate  loads  to  the  structure.  The  control 
surface,  manufactured  from  prepreg  tape,  was  successfully  loaded  to  the  ultimate  design  load  without  evidence  of  failure.  Buckling 
initiated  at  approximately  48%  of  ultimate  load  with  significant  out-of-plane  displacements  observed.  The  global  behaviour  pre¬ 
dicted  by  the  finite  element  (FE)  model  of  the  test  arrangement  was  in  close  agreement  with  the  experimental  results.  Good 
agreement  was  also  demonstrated  with  the  local  behaviour,  as  evidenced  by  the  strain  and  buckling  results.  The  inability  of  the  FE 
analysis  to  capture  complex  snap-through  mode  change  behaviour  at  89%  of  ultimate  load  was  identified  as  a  limitation.  The  success 
of  the  testing  program  demonstrated  the  suitability  of  the  design  methodology  for  this  type  of  structure.  ©  2000  Elsevier  Science 
Ltd.  All  rights  reserved. 

Keywords:  Aileron;  Finite  element  analysis;  Postbuckling;  Full-scale  testing;  Integral  stiffeners  , 


1.  Introduction 

Stiffened  panels  in  semi-monocoque  construction 
have  been  extensively  employed  in  metallic  aerospace 
structures  for  many  years.  Incorporating  postbuckling 
design  concepts  into  such  structures  has  further  opti¬ 
mised  their  structural  performance.  However,  the  pro¬ 
gressive  introduction  of  advanced  carbon  fibre 
composites  into  aerospace  structures  presents  new  chal¬ 
lenges  in  the  design  and  manufacture  of  these  compo¬ 
nents.  Carbon  fibre  reinforced  composites  in  honeycomb 
sandwich  panels  have  now  been  widely  used  in  control 
surfaces  for  commercial  transport  aircraft  for  well  over  a 
decade.  Typical  design  configurations  for  components, 
such  as  ailerons,  incorporate  carbon  fibre/epoxy  ribs  and 
spars  which  are  mechanically  fastened  to  honeycomb 
sandwich  skins.  Poor  impact  resistance,  water  ingression, 
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skin/core  delamination  and  costly  repair  of  damaged 
skins  are  the  most  common  causes  of  problems  raised  by 
operators  of  aircraft  with  this  type  of  construction. 

In  recent  years,  the  imperative  to  reduce  the  manu¬ 
facturing  cost  of  advanced  fibre  composite  components 
and  wherever  possible  improve  their  operational  per¬ 
formance  has  led  to  innovative  design  concepts  being 
proposed  which  do  not  rely  on  honeycomb  sandwich 
construction  techniques  [1-5].  The  most  promising 
concept  for  the  relatively  lightly  loaded  components 
found  in  control  surface  structures  is  that  characterised 
by  thin,  integrally  stiffened,  composite  skins,  which 
buckle  below  limit  load  levels  in  a  similar  manner  to 
their  metallic  counterparts. 

The  design  and  manufacturing  technology  associated 
with  composite/honeycomb  sandwich  panels  was  con¬ 
sidered  the  baseline  for  the  new  composite  control  sur¬ 
face  design  presented  here.  The  structure  studied 
represents  the  aileron  of  a  mid-sized,  commercial,  jet 
transport  aircraft.  In  order  to  demonstrate  the  weight 
and  cost  saving  potential  of  thin  buckling  skins  with 
integral  blade-stiffening,  a  complete  aileron  has  been 
designed  which  incorporates  many  innovative  features. 
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Fig.  1.  Control  surface  configuration. 


Central  to  this  task  was  the  selection  of  a  one-piece 
composite  manufacturing  process  which  enabled  the 
blade-stiffened  skin,  rear  spar  and  ribs  to  be  co-cured. 

The  primary  objectives  for  the  new  design  were  as 
follows:  to  reduce  the  mass  of  the  control  surface  box 
structure  by  30%;  reduce  manufacturing  costs;  to 
achieve  or  exceed  existing  requirements  for  quality, 
durability  and  damage  tolerance;  and  to  achieve  existing 
requirements  for  environmental  degradation  and  stiff¬ 
ness  criteria.  The  design  was  performed  using  Catia  and 
structural  analysis  was  performed  using  MSC.Nastran 
and  MSC.Patran.  Full-scale  tests  were  undertaken  to 
validate  the  design  which  highlighted  the  strengths  and 
weaknesses  of  current  finite  element  (FE)  codes. 


2.  New  aileron  design 

2.1.  Aileron  configuration 

The  overall  dimensions  of  the  aileron  are 
2.8  m  x  0.4  m,  with  a  local  sweep  angle  of  16°,  as  shown 
in  Fig.  1.  There  are  four  hinges  supporting  the  aileron 
through  its  front  spar.  A  1.7-m  long  balance  tab  is  lo¬ 
cated  at  the  trailing  edge  extending  from  the  inboard 
end  of  the  structure.  The  aileron  is  actuated  by  a  single 
control  rod  next  to  the  inboard  hinge. 

The  baseline  honeycomb  structure  has  been  rede¬ 
signed,  while  maintaining  the  stiffness,  by  using  thin 
buckling  skins  incorporating  multiple,  co-cured  blade- 
stiffeners.  Since  similar  front  and  rear  spars  to  the 
baseline  control  surface  were  used,  bending  stiffness  was 
not  significantly  altered.  To  match  the  torsional  stiffness 
of  the  baseline  control  surface,  a  total  of  nine  ribs  and  12 
stiffeners  were  incorporated,  which  were  positioned 
chordwise  along  the  span  as  shown  in  Fig.  2.  The  thin 
skins  consisted  of  two  pairs  of  ±45°  plies  to  resist  the 
torsional  loading,  two  0°  (spanwise  plies)  and  one  90° 
(chordwise  plies)  to  transfer  the  air  loading  to  the  sur¬ 
rounding  structure,  as  shown  in  Fig.  3.  Local  skin  build¬ 
ups  were  incorporated  at  the  front  and  rear  spars  and 
around  major  hinge  ribs. 

2.2.  Design  and  manufacturing  model 

Catia  was  the  computer  aided  design  and  manufac¬ 
turing  environment  chosen  for  the  project  due  to  its 
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Fig.  3.  Typical  skin-stiffener  interface. 


extensive  use  in  the  aerospace  industry.  The  Catia  design 
database  was  used  as  the  sole  design  authority  and  was 
transferred  digitally  between  the  design  centre  and  the 
manufacturing  centre.  Catia  is  a  powerful  software  tool 
that  consists  of  geometric  3D  modelling,  drafting  and 
analysis  capabilities  that  can  be  combined  with  the  Catia 
geometry  interface  and  Catia  mathematical  subroutines 
package  to  access  and  modify  the  model  database  [6]. 
Data  from  Catia  was  translated  into  the  MSC.Patran 
and  MSC.Nastran  environment  for  FE  analysis  pur¬ 
poses. 

2.3.  Critical  load  cases 

The  loads  acting  on  the  aileron  were  divided  into 
three  groups:  distributed  surface  pressures  resulting 
from  the  airloads;  secondary  pressure  loads  resulting 
from  the  trim  tab,  mass  balance  and  leading  edge;  and 
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induced  bending  loads.  The  pressure  profiles  resulting 
from  airloads  applied  to  the  top  and  bottom  skins  of  the 
aileron  are  shown  in  Fig.  4.  They  were  assumed  to  be 
distributed  evenly,  with  50%  on  the  upper  and  lower 
surfaces. 

Secondary  airloads  originated  from  the  mass  balance 
panel,  leading  edge  (D-nose)  and  trim  tab.  The  mass 
balance  load  was  generated  by  the  differential  pressure 
between  the  slots  on  the  top  and  bottom  skin  of  the 
wing.  This  load  was  resolved  as  a  moment  and  a  force  at 
the  front  spar.  Loads  due  to  the  D-nose  were  resolved  to 
the  front  spar  and  were  evenly  distributed  along  the 
span,  while  moments  were  applied  as  couples  on  the  spar 
web. 

It  was  assumed  that  the  wing  induced  bending  load 
was  reacted  mostly  by  the  front  spar  of  the  control 
surface.  Since  the  front  spar  design  had  not  changed 
significantly,  the  same  reaction  load  was  assumed  for  the 
new  design.  Such  an  assumption  was  considered  con¬ 
servative  since  the  bending  stiffness  of  the  postbuckling 


42.1  kPa 


(a) 

42.1  kPa 


(b) 

Fig.  4.  Chordwise  pressure  distribution  (ultimate  airload)  in:  (a)  the 
tab  region;  (b)  the  no-tab  region. 


design  was  slightly  less  than  the  current  honeycomb 
structure,  leading  to  lower  hinge  reaction  loads. 

2.4.  Design  features 

To  achieve  significant  weight  savings  over  the  hon¬ 
eycomb  sandwich  baseline  structure,  emphasis  was 
placed  on  a  thin-skinned  postbuckling  design.  Buckling 
was  only  permitted  in  the  skins  of  the  box  structure.  The 
front  and  rear  spars,  which  carry  the  bending  loads  on 
the  aileron,  were  not  permitted  to  buckle  nor  cripple  at 
ultimate  load.  Likewise,  ribs  were  designed  to  be  non¬ 
buckling.  Some  sections  of  the  upper  and  lower  skins 
however,  were  reinforced  to  prevent  buckling  to  allow 
attachment  of  a  fairing  to  the  lower  skin  for  the  tab 
control  rods.  Multiple  chordwise  blade-stiffeners  were 
incorporated  to  stiffen  the  thin,  buckling  skin. 

The  upper  and  lower  skin,  blade-stiffeners,  rear  spar 
and  internal  ribs  were  co-cured.  This  eliminated  the  use 
of  fasteners  and  pad-ups,  which  reduces  weight  and  cost. 
The  closure  ribs,  front  spar  and  rib  shear  ties  were  cured 
separately  and  mechanically  fastened  to  the  box  struc¬ 
ture.  This  manufacturing  method  allowed  forward  re¬ 
moval  of  the  tooling.  The  aluminium  internal  mandrels 
were  machined  to  the  inner  mould  line  profile  by  nu¬ 
merical  controlled  machinery.  They  were  designed  to 
apply  pressure  to  the  composite  laminates  for  compac¬ 
tion  and  consolidation  by  thermal  expansion.  Steel  caul 
plates  which  reacted  the  expansion  of  the  internal  alu¬ 
minium  tools  were  clamped  to  the  outer  surface  of  the 
box  structure  and  vacuum  bagged. 

The  blade-stiffeners  were  required  to  be  terminated, 
or  “run-out”,  at  the  front  spar  which  required  careful 
design  to  prevent  stiffener  disbonding.  Local  skin  ply 
build-ups  were  used  to  inhibit  skin  buckling  at  the 
stiffener  run-outs.  All  stiffening  members  were  double 
flanged  and  blade  “softening”  or  local  blade  ply  “drop- 
offs”  were  incorporated  to  prevent  buckling  at  the  skin 
interface  and  reduce  peel  stresses.  At  the  trailing  edge 
and  rear  spar  locations,  the  upper  and  lower  surface 
blade-stiffeners  were  joined  together  to  form  a  “semi¬ 
rib”  which  avoided  stiffener  run-outs  and  improved 
torsional  stiffness. 

The  ribs  were  typically  constructed  using  a  similar 
web-skin  interface  as  the  stiffener,  with  two  C-sections 
combined  back-to-back  to  form  an  I-section.  The  in¬ 
board  ribs  were  connected  to  the  rear  spar  by  wrapping 
the  rib  web  towards  the  rear  spar  web  to  form  a  pair  of 
rib  flanges.  The  two  closure  ribs  were  mechanically 
fastened  to  the  structure,  as  was  the  front  spar.  Special 
attention  was  focussed  on  the  design  of  the  “kink”  rib, 
which  is  located  outboard  of  the  rear  spar  termination. 
A  shear-tie  between  the  web  of  the  rib  and  the  web  of 
the  rear  spar  improves  stiffness  and  load  transfer. 
Doublers  were  added  to  the  flanges  of  the  rib  at  the 
kink  joint  in  order  to  add  strength.  Additional  skin  ply 
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build-ups  were  incorporated  to  prevent  buckling  of  the 
skin  near  the  trailing  edge  of  the  kink  rib. 

3.  Full-scale  aileron  test 

The  aileron  design  was  substantiated  by  means  of  a 
full-scale  static  test,  the  results  of  which  were  used  in 
validation  of  the  analysis  and  design  techniques. 

3.1 .  Loading 

For  the  purpose  of  the  structural  tests,  an  approxi¬ 
mation  of  the  airload  used  for  the  design  was  required. 
The  shear  loads  resulting  from  the  pressure  distribution 
were  resolved  at  each  rib  by  assuming  that  the  airload 
applied  to  any  given  bay  was  carried  equally  by  the  ribs 
enclosing  that  bay.  The  loads  carried  by  the  leading  edge 
of  the  control  surface  and  the  tab  loads  were  similarly 
resolved  to  the  nearest  ribs  to  give  the  best  approxima¬ 
tion  to  the  pressure  loading. 

The  chordwise  location  of  the  load  on  each  rib  was 
chosen  to  approximate  the  spanwise  hinge  moment 
distribution  caused  by  the  airloads.  Hence,  in  the  tab 
region,  the  rib  loads  were  applied  close  to,  in  some  cases 
forward  of,  the  hinge  line  because  the  tab  relieved  the 
hinge  moment.  Conversely,  outboard  of  the  tab  the 
loads  were  higher  and  acted  further  aft  of  the  hinge  line. 
It  was  in  this  outboard  region  that  most  of  the  airload 
and  hinge  moment  was  developed.  After  small  adjust¬ 
ments  to  individual  rib  loads  and  moment  arms,  an 
acceptable  approximation  to  the  pressure  loading  was 
obtained.  The  individual  rib  loads  and  moment  arms 
corresponding  to  the  ultimate  design  load  are  shown  in 
Table  1. 

Displacements  for  the  wing  bending  case  were  also 
based  on  the  same  aileron  design  load  case  and  deter¬ 
mined  by  applying  induced  bending  loads  at  the  middle 
two  hinges  in  the  FE  model  and  observing  the  dis¬ 
placement  of  these  hinges.  These  displacements  were 
then  applied  during  the  test,  and  were  7.5  and  9.9  mm  at 
Hinges  2  and  3,  respectively. 

3.2.  Structural  test  arrangement 

The  test  article  was  mounted  in  a  purpose  built  test 
rig  as  shown  in  Figs.  5  and  6.  The  test  article  was  po¬ 
sitioned  with  its  chord  in  the  vertical  plane  to  enable 
observation  of  the  top  and  bottom  skins  under  load  as 


extensive  buckling  was  anticipated.  The  test  article  was 
mounted  to  the  test  rig  at  the  four  hinge  points  and  a 
link  from  the  control  surface  to  the  test  rig  at  the  ac¬ 
tuator  location  resisted  all  hinge  moment. 

The  two  middle  hinge  fittings  on  the  test  rig  were 
capable  of  being  displaced  normal  to  the  chord  line  to 
enable  wing  bending  displacement  to  be  applied  to  the 
test  article.  These  two  hinge  fittings  also  incorporated  a 
load  cell  each  to  measure  the  normal-to-chord  hinge 
reaction  load  during  the  tests.  These  hinge  fittings  were 
calibrated  by  applying  known  normal-to-chord  loads 
directly  to  the  hinge  pins  prior  to  installing  the  control 
surface  in  the  test  rig. 

Instrumentation  consisted  of  52  strain  channels, 
mainly  back-to-back  rosettes  on  the  upper  and  lower 
skins  with  some  linear  gauges  on  selected  stiffeners,  eight 
load  channels  (six  actuators  and  two  hinges),  the  cali¬ 
brated  control  rod  to  measure  hinge  moment  and  a 
linear  variable  differential  transformer  (LVDT)  was 
positioned  at  each  of  five  locations  (three  positioned 
along  the  trailing  edge  of  the  control  surface  and  two 
normal  to  the  top  skin  to  measure  out-of-plane  dis¬ 
placements). 

Two  shadow  moire  grid  panels  were  placed  over  the 
bottom  skin,  one  at  the  inboard  end  beside  the  actuator 
rib  and  one  outboard  where  the  tab  region  ends;  pho¬ 
tographs  of  each  panel  were  taken  at  each  load  level.  It 
was  anticipated  that  the  outboard  area  would  buckle 
first  and  the  inboard  area  would  record  the  highest 
strains.  It  was  subsequently  found  that  significant 
buckling  over  most  of  the  specimen  was  highly  visible 
even  without  the  aid  of  a  moire  grid. 


3.3.  Load  application 

Simulated  air  loads  were  applied  to  the  test  article 
through  nine  form  boards,  one  located  at  each  rib. 
Application  of  the  loads  at  the  ribs  permitted  the  skin  to 
buckle  freely.  The  alternative  loading  method,  using 
pressure  pads,  would  have  inhibited  buckling  and  also 
risked  damaging  the  thin  skins,  as  well  as  complicating 
the  loading  system.  These  form  boards  were  loaded  us¬ 
ing  six  electric  screw  jack  actuators  fitted  with  load  cells 
and  were  controlled  through  a  closed  loop  control  sys¬ 
tem  to  a  specified  maximum  load  at  a  specified  rate.  At 
three  locations,  two  ribs  were  loaded  using  a  single  ac¬ 
tuator  via  a  whiffle  tree  arrangement,  as  the  spacing  of 
the  ribs  did  not  permit  an  actuator  per  rib  to  be  used. 


Table  1 

Rib  loads  and  moment  arms  at  DUL  used  in  the  structural  test 


Rib 

1 

2 

3 

4 

5 

6 

7 

8 

9 

Load  (N) 

Moment  arm  (mm)a 

934 

50.8 

1681 

10.7 

1802 

-50.3 

2140 

-26.4 

3149 

-25.4 

4377 

78.7 

4897 

129.5 

3265 

170.2 

1032 

307.3 

a  A  negative  moment  arm  indicates  the  load  is  applied  forward  of  the  hinge  line. 
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Fig.  5.  Test  arrangement. 


No  drag  loads  (parallel  to  the  control  surface  chord) 
were  applied  in  the  tests  because  such  loads  would  have 
contributed  little  to  the  buckling  of  the  structure  and 
likewise  to  the  strains  measured.  The  internal  loading  in 
the  structure  is  primarily  caused  by  torsion  and  normal- 
to-chord  bending.  It  was  determined  that  this  approach 
would  enable  adequate  comparisons  with  the  FE  model. 

Due  to  the  geometry  of  the  form  boards  used  to  load 
each  rib,  the  hinge  moment  arms  were  significantly  re¬ 
duced  as  the  control  surface  deflected  under  load.  This 
was  particularly  evident  at  the  ribs  outboard  of  the  tab 
region,  as  these  ribs  experienced  the  largest  deflections. 
Consequently,  the  relationship  between  rib  load  and 


hinge  moment  during  the  tests  was  nonlinear.  The  hinge 
moment  arms  were  positioned  to  simultaneously  achieve 
the  ultimate  design  hinge  moment  and  ultimate  design 
rib  loads  in  the  maximum  deflected  position. 

3.4 .  Test  procedure 

The  tests  were  conducted  in  the  following  order  to 
ensure  they  progressed  from  least  to  most  severe:  limit 
airloads  only;  limit  airloads  and  wing  bending  dis¬ 
placement;  ultimate  airloads  only;  ultimate  airloads  and 
wing  bending  displacement.  The  airloads,  applied 
through  the  rib  form  boards,  were  increased  in  5%  of 
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Fig.  6.  Detailed  view  of  the  test  arrangement  (looking  at  top  skin). 


design  ultimate  load  (DUL)  increments  with  photo¬ 
graphs  of  each  moire  panel  taken  at  each  load  level. 
Data  acquisition  was  continuous  at  two  seconds  per 
scan,  pausing  while  photographs  were  taken,  and  videos 
were  rolling  continuously,  focused  on  the  top  and  bot¬ 
tom  skins.  For  the  ultimate  load  cases,  a  200s  loading 
ramp  was  used.  The  ultimate  load  was  held  for  ap¬ 
proximately  2  min  while  photographs  were  taken,  after 
which  the  specimen  was  unloaded  at  the  same  rate.  No 
failure  of  the  test  articles  occurred  during  the  tests 
and  only  results  from  the  final  load  case  have  been 
presented. 


4.  FE  model  configuration 

Two  separate  FE  analyses  of  the  aileron  were  con¬ 
ducted.  Firstly,  it  was  used  as  a  design  tool  where  air¬ 
loads  were  applied  to  the  skins.  Secondly,  the  test 
arrangement  was  modelled  where  the  loads  were  applied 
discretely  at  the  ribs. 

4  1  pg  mocjej  description 

The  FE  model  of  the  control  surface  was  constructed 
using  the  pre-  and  post-processor  MSC.Patran.  The 
basic  geometry  of  the  aileron  was  translated  from  Catia 
into  MSC.Patran.  This  created  points  and  lines  defining 


the  aileron  geometry  from  which  surfaces  were  gener¬ 
ated  in  MSC.Patran.  This  enabled  each  region  to  be 
meshed  separately  with  the  basic  quadrilateral  shell  el¬ 
ements  suitable  for  analysis  using  MSC.Nastran.  The 
model,  shown  in  Fig.  7,  contained  14,000  four-noded 
CQUAD4  elements  and  a  total  of  70,000  degrees  of 
freedom.  It  has  been  found  from  previous  analytical 
postbuckling  work  that  a  minimum  of  six  quadrilateral 
elements  between  each  stiffener  bay  is  sufficient  to  cap¬ 
ture  the  buckling  mode  shapes  [7].  In  this  model,  seven 
quadrilateral  elements  between  stiffeners  were  used  to 
provide  minimum  mesh  density  and  adequate  element 
geometry. 

Metallic  hinges  and  fixtures  were  modelled  using 
4-noded  shell  elements.  Due  to  the  3D  geometry  of  the 
model,  four  local  coordinate  frames  were  produced  to 
aid  defining  the  material  axes  for  the  complicated  ply 
lay-ups. 

4.2 .  Stiffener  model 

In  order  to  control  the  size  of  the  FE  model,  blade- 
stiffeners  were  modelled  using  2D  beam  elements  where 
appropriate  laminate  properties  were  calculated  and 
applied  to  the  elements.  These  elements  could  not  be  off¬ 
set  due  to  a  limitation  in  MSC.Nastran  involving  off-sets 
and  the  calculation  of  differential  stiffness  required  in  a 
geometric  nonlinear  analysis.  The  neutral  axis  of  stiff- 
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Fig.  7.  The  FE  model. 


eners  represented  by  beam  elements  was  therefore  lo¬ 
cated  in  the  plane  of  the  skin.  The  error  induced  by  this 
approximation  was  not  expected  to  be  large  as  the 
stiffeners  were  designed  not  to  buckle.  Shell  elements 
were  used  in  the  region  where  the  stiffeners  joined  to 
form  a  semi-rib  near  the  trailing  edge  and  rear  spar. 

4.3 .  Detailed  regions 

The  FE  mesh  was  refined  locally  to  model  the  criti¬ 
cally  loaded  region  near  the  actuator  rod  hinge,  as 
shown  in  Fig.  8.  Blade-stiffeners  were  accurately  mod¬ 
elled  using  shell  elements  allowing  more  details  to  be 
incorporated  such  as  stiffener  run-outs  and  ply  build-ups 
or  drop-offs.  Modelling  of  the  stiffeners  correctly  using 
shell  elements  required  at  least  four  rows  of  elements 
along  the  height  of  the  stiffener,  otherwise  an  artificially 
high  stiffness  would  result  [8]. 

Hinge  1  and  the  actuator  rod  fitting  were  also  mod¬ 
elled  in  detail  to  enable  a  realistic  load  transfer  from  the 
actuator  rod  to  the  front  spar.  The  connection  of  the 
actuator  rod  to  the  hinge  fitting  consisted  of  two  beam 
elements  which  had  relatively  large  section  properties,  as 
rigid  elements  could  be  used  in  the  geometric  nonlinear 
analysis.  Individual  fasteners  connecting  the  hinge  as¬ 
sembly  to  the  front  spar  were  modelled  as  common 
nodes  (perfect  connection  at  the  fastener  locations). 

4.4.  FE  model  of  the  test  arrangement 

To  validate  the  design  process,  an  analysis  was  per¬ 
formed  with  loading  that  simulated  the  test  situation. 
This  enabled  an  accurate  comparison  between  the  FE 
model  and  the  experimental  results.  It  should  be  pointed 


out  that  the  nose  cover,  which  was  fastened  to  the  spar 
and  covered  the  hinges,  was  not  modelled  despite  being 
included  in  the  test.  It  was  determined  that  this  part  of 
the  structure  would  not  carry  any  significant  amount  of 
the  torsion  load  applied  to  the  aileron. 

The  form  boards  were  modelled  using  a  number  of 
beam  elements  which  connected  the  nodes  along  the 
bottom  of  the  rib  to  the  load  application  point,  as  shown 
in  Fig.  9.  This  ensured  that  the  load  application  point 
rotated  in  the  manner  experienced  during  testing  and 
thus  the  variation  in  hinge  moment  would  be  accurately 
represented.  The  beam  elements  were  relatively  stiff  re¬ 
sulting  in  no  significant  bending  of  the  “form  boards”. 
In  addition,  follower  forces  were  not  used  so  as  to  rep¬ 
resent  the  test  situation.  The  loads  and  moment  arms 
corresponded  to  those  presented  in  Table  1.  The  varia¬ 
tion  of  hinge  moment  with  applied  rib  loads  proved  to 
be  almost  identical  to  that  experienced  during  testing. 

The  analysis  was  performed  on  the  tape  version  of  the 
aileron  for  the  load  case  that  included  wing  bending  and 
DUL.  The  loads  were  applied  in  three  subcases,  as 
shown  in  Table  2.  It  should  be  noted  that  the  entire  wing 
sympathetic  bending  displacements  were  applied  in  the 
first  subcase  along  with  one-third  of  the  airloads.  This 
differed  from  the  test  in  which  the  displacements  were 
applied  prior  to  the  application  of  any  airloads.  As  a 
result,  comparison  between  the  test  and  the  analysis 
only  valid  at  loads  in  excess  of  33%  of  the  applied  air 
loads. 

Difficulty  was  experienced  in  gaining  convergence, 
hence  the  use  of  the  “ITER”  option  for  the  second  and 
third  subcases.  In  addition,  the  error  tolerances  on 
convergence  were  relaxed  from  the  default  values.  The 
MSC.Nastran  FE  analysis  took  approximately  26  h  to 
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Fig.  8.  Detailed  region  of  the  FE  model  (front  spar  and  top  skin  not  shown). 


LOAD 


Fig.  9.  Load  application  method  in  FE  model  of  the  test  arrangement. 


complete  on  an  IBM  RS/6000  3AT  workstation.  This 
was  considerably  longer  than  for  the  pressure  loading 
used  in  the  design  of  the  aileron. 


5.  Results  and  comparison  with  analysis 

5.7.  Buckling  behaviour 

Buckling  was  observed  to  initiate  during  testing  at 
approximately  48%  DUL,  although  some  bays  did  not 


buckle  until  over  70%  DUL.  This  was  followed  by  a 
change  in  buckling  mode  by  means  of  snap-though  at 
89%  DUL.  In  the  FE  analysis,  buckling  was  predicted  to 
initiate  at  45%  DUL.  No  significant  mode  change  was 
predicted  to  occur. 

The  buckling  behaviour  of  individual  bays  of  the  ai¬ 
leron  was  observed  through  the  moire  screens  positioned 
as  shown  in  Fig.  10.  The  development  of  buckling  with 
increasing  load  through  the  outboard  moire  screen  is 
shown  in  Fig.  11.  Buckling  was  first  observed  adjacent 
to  Rib  6  at  approximately  40%  of  ultimate  load  as 
shown  in  Fig.  11(b),  with  the  extent  of  buckling  in¬ 
creasing  with  load  level  until  the  entire  panel  was  ex¬ 
tensively  buckled  (refer  to  Fig.  11(c)  and  (d)).  The 
buckling  mode  at  the  ultimate  load  consisted  of  five 
half-wavelengths  in  the  chordwise  direction,  as  shown  in 
Fig.  11(d). 

The  development  of  buckling  with  increasing  load 
through  the  inboard  moire  screen  is  shown  in  Fig.  12. 
Between  Ribs  2  and  3  on  the  bottom  skin  where  the 
highest  strains  were  expected,  buckling  was  not  signifi¬ 
cant  until  approximately  60%  DUL,  at  which  load 
fringing  in  the  moire  panel  commenced  adjacent  to  Rib 
3.  With  increasing  load,  further  buckling  between  Ribs  2 
and  3  occurred  up  to  DUL,  as  shown  in  Fig.  12(b) 
and  (c). 


Table  2 

MSC.Nastran  nonlinear  solution  strategy 


Subcase 

%  Air  load 

%  Sympathetic  bending 

Stiffness  update  method 

Number  of  load  steps 

1 

33 

100 

SEMI 

3 

2 

67 

100 

ITER 

11 

3 

100 

100 

ITER 

11 
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A  comparison  of  the  general  buckling  pattern  expe¬ 
rienced  during  test  and  that  predicted  by  the  FE  analysis 
at  100%  DUL  is  presented  in  Fig.  13.  A  photograph 
taken  at  ultimate  load  during  testing  is  shown  in 


Fig.  10.  Location  of  LVDTs,  moire  screens  and  selected  strain  gauges 
used  during  testing  (viewed  from  bottom  skin).  Gauge  letter  in  pa¬ 
rentheses  indicates  rosette  applied  to  the  inner  surface  of  the  skin. 


Fig.  13(a),  while  the  rendered  displacement  result  from 
FE  analysis  is  shown  in  Fig.  13(b).  Buckling  patterns  are 
clearly  visible  over  the  entire  aileron  and  the  comparison 
between  the  analytical  and  experimental  buckling  modes 
is  generally  good.  The  diagonal  buckling  shape  due  to 
shear  dominated  loading  in  the  stiffened  skins  is  clearly 
observed  in  both  images.  However,  it  is  apparent  that 
the  order  of  the  buckling  mode  is  different  in  the  bay 
between  Ribs  7  and  8  on  the  right  of  the  Fig.  13.  During 
testing,  five  half-waves  per  stiffener  bay  were  present  in 
this  region  at  a  load  factor  of  1.0,  while  the  analysis 
predicted  only  three. 

5.2 .  Trailing  edge  displacements 

The  displacements  of  the  trailing  edge  at  three  loca¬ 
tions,  shown  in  Fig.  10,  were  measured  during  the  tests. 


Fig.  11.  Moire  fringe  pattern  at  outboard  bay  at:  (a)  0;  (b)  40%;  (c)  70%;  (d)  100%  DUL. 
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Fig.  12.  Moire  fringe  pattern  at  inboard  end  at:  (a)  0;  (b)  70%; 
(c)  100%  DUL. 


The  measured  displacements  were  relative  to  the  test  rig 
framework  and  so  include  that  attributable  to  flexure  of 
the  control  rod  and  its  attachment  pins.  This  was  found 
to  be  significant  at  the  ultimate  load  and,  in  fact,  per¬ 
manent  bending  of  the  high  tensile  steel  bolt  attaching 
the  control  rod  to  the  control  surface  occurred  after 
several  load  cases  had  been  tested.  It  should  be  noted 
that  the  control  rod  components  and  attachment  pin 
were  not  aircraft  quality  parts. 

The  measured  trailing  edge  displacements  at  each 
location  are  shown  in  Fig.  14.  The  initial  displacements  in 
Fig.  1 4  are  due  to  the  wing  bending  displacements  applied 
to  Hinges  2  and  3  prior  to  applying  the  rib  loads.  The 
initial  unsteadiness  evident  in  the  plot  at  approximately 
10%  rib  load  is  characteristic  of  the  test  rig  at  low  load 
levels.  As  the  displacement  at  the  trailing  edge  is  primarily 
dependent  on  the  hinge  moment,  the  displacements  are 
plotted  against  load  factor  based  on  hinge  moment. 

The  displacements  of  nodes  corresponding  to  the 
positions  of  the  three  trailing  edge  LVDTs  were  extracted 
and  are  compared  in  Fig.  14.  While  the  comparison  of  the 
raw  displacements  is  reasonable,  it  is  more  appropriate  to 
compare  the  relative  displacement  or  twist  that  the  aile¬ 
ron  experiences  as  this  eliminates  the  influence  of  test  rig 
deflections.  A  summary  of  the  values  at  a  load  factor  of 
1.0  are  presented  in  Table  3.  These  results  demon¬ 
strate  the  excellent  comparison  between  test  and  the  FE 
analysis  with  only  2%  difference  at  100%  DUL. 

5.3.  Skin  out-of-plane  displacements 

The  locations  of  LVDTs  in  Bays  2  and  6,  shown  in 
Fig.  10,  were  selected  based  on  expected  areas  of  sig¬ 
nificant  buckling.  These  were  mounted  from  the  nearest 
form  boards  to  measure  skin  out-of-plane  displacement, 
and  as  such  were  very  sensitive  to  movement  of  the  form 
board  relative  to  the  control  surface.  While  results  from 
these  two  instruments  can  only  be  loosely  interpreted, 
both  these  LVDTs  clearly  highlight  onset  and  change  in 
the  buckling  mode  as  shown  by  the  sudden  displacement 
changes  evident  in  Fig.  15. 

The  skin  out-of-plane  displacements  due  to  buckling 
were  difficult  to  compare  with  the  analysis  because  the 
instrumentation  was  very  sensitive  to  movement  of  the 
form  board  relative  to  the  control  surface,  to  compres¬ 
sion  of  the  felt  between  the  form  board  and  control 
surface,  or  even  small  lateral  movements  of  the  form 
board.  Hence,  no  comparisons  are  presented. 

5.4.  Strain  measurements 

The  strains  recorded  during  the  test  at  various  loca¬ 
tions  are  compared  with  analytical  strains  determined 


Load  Factor 
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(b) 


Fig.  13.  Comparison  of  buckling  patterns  at  DUL  between:  (a)  test;  (b)  FE  analysis. 


Fig.  14.  Comparison  of  trailing  edge  displacements  from  test  and  FE  analysis. 


from  the  ply  strain  output  from  MSC.Nastran.  The 
analytical  strains  are  output  at  the  mid-plane  of  each 
ply,  so  they  were  extrapolated  to  give  the  surface  strains 


necessary  for  comparison  with  strain  gauge  data.  The 
ply  shear  strains  were  derived  from  the  strains  measured 
in  all  three  elements. 
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Table  3 


Comparison  between  test  and  FE  analysis  at  a  load  factor  of  l  .0 


Actuator  rib 

Outboard  rib 

Relative 

Displacement 

(mm) 

Angular  rotation 
(°) 

Displacement 

(mm) 

Angular  rotation 
(°) 

Twist 

(°) 

Error 

Test 

12.4 

2.14 

68.1 

8.71 

6.57 

- 

FE  analysis 

4.8 

0.84 

60.5 

7.74 

6.69 

2% 

In  general,  the  results  demonstrated  good  agreement 
between  analysis  and  test  data.  Due  to  the  different 
method  of  applying  the  wing  bending  loads,  the  results 
should  only  be  compared  at  load  factors  in  excess  of 
0.38.  Gauges  located  in  regions  in  which  large  strains 
were  introduced  though  application  on  the  wing  bending 
compare  less  well  than  the  others.  The  test  and  analysis 
results  remain  off-set  indicating  that  strains  due  to  wing 
bending  did  not  compare  well. 

Comparisons  between  experimental  and  analytical 
strains  are  presented  for  the  gauges  at  the  locations 
shown  in  Fig.  10.  The  back-to-back  longitudinal  and 
transverse  ply  strains  at  Gauge  C(D)  on  the  bottom  skin 
from  test  and  analysis  are  presented  in  Fig.  16.  The 
strains  compare  very  well  up  to  80%  DUL  when  the 
experimental  strains  diverge  somewhat.  Similar  beha¬ 
viour  was  noted  in  the  back-to-back  shear  strains  at 
Gauges  A(B),  as  shown  in  Fig.  17.  It  is  apparent  that  the 
slope  of  the  predicted  load-strain  curve  was  lower 
leading  to  an  overestimation  of  the  strains.  More  com¬ 
plex  buckling  behaviour  was  evident  in  the  back-to-back 
shear  strains  at  Gauges  G(H),  as  shown  in  Fig.  18.  The 
comparison  above  38%  DUL  was  very  good  despite 
the  complex  buckling  behaviour.  However,  at  89% 
DUL  the  mode  change  experienced  in  the  test  is  clearly 
evident  as  the  experimental  strains  on  the  inner  and 
outer  surface  “swap  over”.  This  behaviour  was  not 
predicted  by  the  analysis. 


5.5.  Discussion 

Comparing  the  FE  analysis  results  with  the  test  re¬ 
sults  showed  that  the  global  behaviour,  such  as  the 
nonlinear  loading  effect  and  the  resulting  displace¬ 
ments,  were  accurately  modelled.  The  local  behaviour, 
such  as  buckling  initiation,  was  also  well  represented, 
although  the  accuracy  of  strains  measured  at  several 
locations  varied  significantly.  Errors  in  the  strain 
measurements  ranged  from  10%  to  over  100%,  or  up  to 
a  maximum  of  1500  pc  at  100%  DUL.  This  highlights 
the  way  in  which  small  variations  in  the  buckling  mode 
or  the  location  of  a  buckling  peak  can  lead  to  dramatic 
changes  in  the  measured  strain.  The  buckling  mode 
could  have  been  affected  by  such  factors  as  manufac¬ 
turing  variations,  initial  imperfections  in  the  skins  or 
through  variations  in  the  load  introduction  through  the 
form  boards.  In  addition,  nose  covers  which  were  not 
included  in  the  model  may  have  carried  some  of  the 
applied  loads. 

Comparisons  between  test  and  analysis  were  made 
more  difficult  due  to  limitations  of  the  FE  modelling 
technique.  Typically,  the  strain  output  from  the  FE 
model  was  averaged  over  a  larger  area  (one  element) 
than  that  covered  by  the  strain  gauges  in  the  test.  In 
addition,  due  to  the  size  of  the  elements,  they  did  not 
always  coincide  exactly  with  the  strain  gauge  locations 
and  were  sometimes  over  12  mm  from  the  correct 
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Fig.  16.  Comparison  between  test  and  experimental  back-to-back  longitudinal  and  transverse  ply  strains  in  the  bottom  skin  at  Gauges  C(D). 


Fig.  17.  Comparison  between  test  and  experimental  back-to-back  shear  strains  in  the  bottom  skin  at  Gauges  A(B). 


location.  This  effect  would  be  very  significant  in  thin, 
postbuckling  structures. 

Difficulty  in  achieving  convergence  in  the  FE  analysis 
was  experienced,  as  evidenced  by  the  long  run-time  and 
the  need  to  relax  the  convergence  error  tolerances.  This 
has  the  potential  to  adversely  affect  the  accuracy  of  the 
solution  in  extreme  cases  [9].  From  past  experience,  the 
levels  to  which  the  convergence  error  tolerances  were 
relaxed  should  not  have  affected  the  solution,  although 
this  is  difficult  to  prove. 

It  was  also  evident  that  the  analysis  failed  to  capture 
the  complicated  snap-through  buckling  mode  change 


that  occurred  at  89%  of  DUL.  At  a  load  factor  of  0.95, 
problems  with  convergence  were  experienced  during  the 
analysis  which  could  have  indicated  that  a  snap-through 
phenomenon  was  likely.  From  other  experience, 
MSC.Nastran  geometric  nonlinear  analysis  is  unlikely 
to  predict  a  snap-through  buckling  event  when  using  a 
standard  load  increment  approach  [10].  Introduction  of 
the  arc-length  technique,  where  the  load  steps  are  de¬ 
termined  based  on  the  resulting  displacements,  is  more 
likely  to  predict  such  behaviour.  However,  the  use  of 
applied  displacements  to  represent  the  wing  bending 
prevented  use  of  the  arc-length  method. 
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Fig.  18.  Comparison  between  test  and  experimental  back-to-back  shear  strains  in  the  top  skin  at  Gauges  G(H). 


6.  Conclusions 

Full-scale  static  testing  of  a  co-cured  carbon  fibre 
composite  control  surface  has  been  performed  and  the 
results  compared  with  FE  analysis.  The  control  surface, 
which  is  representative  of  those  found  on  mid-size  jet 
transport  aircraft,  is  designed  as  a  postbuckling  blade- 
stiffened  structure  to  reduce  weight  and  improve 
operational  performance  compared  with  a  traditional 
honeycomb  sandwich  panel  design.  The  purpose  of  the 
tests  was  to  demonstrate  the  validity  of  the  design  by 
applying  static  limit  and  ultimate  loads  to  the  structure. 

The  control  surface  was  successfully  loaded  to  the 
ultimate  design  load,  including  wing  bending  displace¬ 
ment,  without  evidence  of  failure.  Buckling  initiated  at 
approximately  48%  of  ultimate  load  with  out-of-plane 
displacements  observed  in  most  panels.  The  postbuck¬ 
ling  behaviour  of  the  aileron  was  complicated  by  a 
sudden  mode  change  which  occurred  at  89%  of  DUL. 
Following  this  change,  higher  order  buckling  modes 
were  evident  in  several  bays. 

A  FE  analysis  of  the  aileron  was  conducted  under 
loading  which  simulated  the  test  conditions.  The  global 
behaviour,  such  as  overall  twist  of  the  aileron,  was 
predicted  with  great  accuracy.  The  local  behaviour,  such 
as  buckling  behaviour  and  strains,  was  predicted  accu¬ 
rately  in  most  locations.  Some  localised  variation  in  the 
buckling  mode  shape  was  experienced  at  very  high  load 
levels  which  affected  the  position  of  the  buckle  peaks 
and  thus  the  strains  in  these  areas.  In  particular,  the 
analysis  failed  to  capture  a  buckling  mode  change  which 
occurred  in  some  areas  of  the  aileron  at  89%  of  DUL. 
This  illustrated  the  importance  of  conducting  full-scale 
testing  of  structures  operating  at  loads  well  in  excess  of 
buckling.  The  success  of  the  testing  program  demon¬ 


strated  the  suitability  of  the  methodology  used  in  the 
design  of  a  postbuckling,  carbon  fibre  composite  aile¬ 
ron. 
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Abstract 

A  minimization  method  for  material  characterization  of  laminated  composite  plates  using  static  test  results  is  presented.  Me¬ 
chanical  responses  such  as  strains  and  displacements  are  measured  from  the  static  tests  of  the  laminated  composite  plates.  The  finite 
element  method  is  used  to  analyse  the  deformation  of  the  laminated  composite  plates.  An  error  function  is  established  to  measure 
the  differences  between  the  experimental  and  theoretical  mechanical  responses  of  the  laminated  composite  plates.  The  identification 
of  the  material  elastic  constants  of  the  laminated  composite  plates  is  formulated  as  a  constrained  minimization  problem  in  which  the 
elastic  constants  are  determined  by  making  the  error  function  a  global  minimum.  A  number  of  examples  are  given  to  illustrate  the 
feasibility  and  applications  of  the  proposed  method.  ©  2000  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Composite  laminate;  Material  characterization;  Identification;  Minimization  method;  Finite  element  method 


1.  Introduction 

Recently  composite  laminates  have  been  used  ex¬ 
tensively  in  the  mechanical  and  aerospace  industries, 
especially  for  the  fabrication  of  high  performance 
structures.  To  ensure  high  reliability  of  the  structures, 
the  actual  behaviors  of  the  laminated  composite  parts 
in  service  must  be  accurately  predicted  and  carefully 
monitored.  The  attaining  of  the  actual  behavioral 
predictions  of  the  structures  depends  on  the  correct¬ 
ness  of  the  elastic  constants  of  the  structures.  As  well- 
known,  there  are  many  methods  for  manufacturing 
laminated  composite  components  [1,2]  and  different 
manufacturing  or  curing  processes  may  yield  different 
mechanical  properties  of  the  components.  Further¬ 
more,  the  material  properties  determined  from  stan¬ 
dard  specimens  tested  in  laboratory  may  deviate 
significantly  from  those  of  actual  laminated  composite 
components  manufactured  in  factory.  On  the  other 
hand,  laminated  composite  structures  subject  to  dy¬ 
namic  loads  or  used  in  severe  environments  may  ex¬ 
perience  progressive  stiffness  reduction  or  material 
degradation  which  will  finally  lead  to  the  failure  of  the 
structures.  It  has  been  pointed  out  that  accurate  de- 
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termination  of  current  stiffness  or  material  properties 
of  a  laminated  composite  structure  can  help  prevent 
sudden  failure  of  the  structure  [3].  Therefore,  the  de¬ 
termination  of  realistic  material  or  mechanical  prop¬ 
erties  of  laminated  composite  components  has  become 
an  important  topic  of  research.  In  the  past  two  de¬ 
cades,  a  number  of  non-destructive  evaluation  tech¬ 
niques  have  been  proposed  for  the  determination  of 
material  properties  of  or  damages  in  laminated  com¬ 
posite  parts  [4-7].  Nevertheless,  these  techniques  have 
their  own  limitations  or  specific  difficulties  when  in 
use.  On  the  other  hand,  a  number  of  researchers  have 
presented  methods  to  identify  or  improve  the  analyt¬ 
ical  system  matrices  of  a  structure  using  vibration  test 
data  [8-12],  For  instance,  Berman  and  Nagy  [8]  de¬ 
veloped  a  method  which  used  measured  normal  modes 
and  natural  frequencies  to  improve  an  analytical  mass 
and  stiffness  matrix  model  of  a  structure.  Their 
method  could  find  minimum  changes  in  the  analytical 
model  to  make  it  exactly  agree  with  the  set  of  mea¬ 
sured  modes  and  frequencies.  Kam  and  his  associates 
[9-12]  developed  methods  to  identify  the  element 
bending  stiffnesses  of  beam  structures  using  measured 
natural  frequencies  and  mode  shapes  or  displacements 
alone. 

In  this  paper,  a  non-destructive  evaluation  method  is 
presented  for  the  determination  of  material  elastic  con¬ 
stants  of  laminated  composite  plates.  The  method  is 
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based  on  the  minimization  of  the  sum  of  the  differences 
between  the  predicted  and  measured  mechanical  re¬ 
sponses  of  a  composite  plate.  A  global  minimization 
technique  together  with  an  appropriate  bounding 
method  for  determining  the  starting  points  and  the 
search  direction  are  used  to  solve  the  minimization 
problem  from  which  the  material  constants  can  be 
identified.  Static  tests  of  several  laminated  composite 
plates  have  been  performed  and  the  results  used  to  verify 
the  accuracy  and  illustrate  the  applications  of  the 
method. 


2.  Deformation  analysis  of  laminated  composite  plate 

Consider  a  rectangular  plate  of  area  a  x  b  and 
constant  thickness  h  subject  to  transverse  load  p{x,y) 
as  shown  in  Fig.  1.  The  plate  is  composed  of  a 
finite  number  of  layer  groups  in  which  each  layer 
group  contains  several  orthotropic  layers  of  same 
fiber  angle  and  uniform  thickness.  The  x  and  y 
coordinates  of  the  plate  are  taken  in  the  mid-plane 
of  the  plate.  The  displacement  field  is  assumed  to  be 
of  the  form: 

mi (x,y,z)  =  u0(x,y)  +z-  i//x(x,y), 

u2{x,y,z )  =  v0(x,y)+z-il/y{x,y),  (1) 

u3(x,y,z)  =  w(x,y), 

where  u\,u2^u 3  are  displacements  in  the x,y,z  directions, 
respectively,  and  w0ji>o,w  the  associated  mid-plane  dis¬ 
placements;  i j/x  and  \j/ y  are  shear  rotations. 

The  constitutive  equations  of  a  shear  deformable 
laminated  composite  plate  can  be  written  as 
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where  N\ ,  N2i  • . . ,  are  stress  resultants;  Aih  B.j  and  Di} 
are  material  components;  the  comma  before  a  subscript 
denotes  the  partial  derivative  with  respect  to  the  sub¬ 
script.  The  material  components  are  given  by 

{Aij,  By,  Djj)  =  [  7  Q\p  (\,z,z2)<Sz 
J-h/2 

(/,y=  1,2,6)  (3a) 

and 

Aij  =  ky  •  k  •  A,j,  Ajj  —  f  Qjj  dz 
J-h/2 

(i,j  —  4, 5;  a  =  6-/;  y  =  6-j).  (3b) 

The  stiffness  coefficients  depend  on  the  material 
properties  and  orientation  of  the  wth  layer  group.  The 
parameters  kt  are  shear  correction  factors  which  are 

u  =  v  =  w  =  0 


u  =  v  =  w  =  0 

wx=wy=0 

lb 


y 

(a)  Loading  condition  (b)  Boundary  condition 


Fig.  1 .  Laminated  composite  plate. 
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determined  using  the  expressions  given  by  Whitney  [13]. 
In  the  plate  analysis,  the  finite  element  developed  by 
Kam  and  Chang  [14]  is  adopted  to  evaluate  the  defor¬ 
mation  of  the  plate.  The  element  contains  five  degrees- 
of-freedom  (three  displacements  and  two  slopes,  i.e., 
shear  rotations)  per  node.  In  the  evaluation  of  the  ele¬ 
ment  stiffness  matrix,  a  quadratic  element  of  a  seren¬ 
dipity  family  and  the  reduced  integration  are  used.  The 
element  has  been  used  in  the  static  analysis  of  both  thin 
and  moderately  thick  laminated  composite  plates  and 
very  good  results  for  strains  and  displacements  can  be 
obtained.  The  accuracy  of  the  finite  element  in  predict¬ 
ing  strains  was  also  investigated  via  an  experimental 
approach  [15].  A  square  [02o/902o/02o/902o]s  graphite/ 
epoxy  laminate  with  clamped  edges  was  loaded  at  the 
center  and  strains  at  the  center  of  the  bottom  surface  of 
the  laminate  were  measured  in  the  experiment.  The 
strain  data  were  compared  with  those  predicted  by  the 
finite  element  method.  It  was  found  that  the  use  of  a  3  x 
3  mesh  over  a  quarter  plate  could  yield  very  good  re¬ 
sults.  In  the  following  identification  of  material  con¬ 
stants,  strains  and  deflections  at  some  particular  points 
on  a  plate  are  defined  as  deformational  parameters. 


3.  Determination  of  material  constants 


The  problem  of  material  constants  identification  is 
formulated  as  a  minimization  problem.  In  mathematical 
form  it  is  stated  as 


Minimize  e(x)  =  (£>*V(Z)*) 
subject  to  x\  i=  1, . . . ,  5, 


where x  =  [EUE2,  Vi2,  <_n2,  G^}  the  material  constants;  IT_ 
is  an  N  x  1  vector  containing  the  differences  between  the 
measured  and  predicted  values  of  the  deformational 
parameters;  e(x)  is  an  error  function  measuring  the  sum 
of  differences  between  the  predicted  and  measured  data; 
x\,xV  are  the  lower  and  upper  bounds  of  the  material 
constants.  It  is  noted  that  the  lower  and  upper  bounds  of 
the  material  constants  are  chosen  in  such  a  way  that  the 
lower  bound  of  E\  is  larger  than  the  upper  bounds  of  E2 
and  G\2.  The  elements  in  D £  are  expressed  as 


jy  _  Dp1 


Drr 


,IV, 


(5) 


where  Z)p/,  Dmi  are  predicted  and  measured  values  of 
deformation  parameters,  respectively.  The  above  prob¬ 
lem  of  Eq.  (4)  is  then  converted  into  an  unconstrained 
minimization  problem  by  creating  the  following  general 
augmented  Lagrangian: 


T-  (x,  /£,  n,  r,5  =  e(x)  +  Y2  lujZj  +  rp. 7*  +  t}j4>j  +  rptf\ 

J=  1 

(6) 


with 
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LYp 

gj{xj)  =  Xj  -  x1]  <  0, 


<fil  =  max 


zrp  j 


(?) 


Hj(xj)  Xj  Xj  ^  0,  j  —  1 , . . . ,  5, 

where  \ij^r\j,rp  are  multipliers;  max[*,*]  takes  on  the 
maximum  value  of  the  numbers  in  the  bracket.  The 
modified  design  variables  x  are  defined  as 


x  = 


E2  ^  Gn  G23 

ct\  7  a2  ’  ’  a3  ’  0C4 


(8) 


where  a,-  are  the  normalization  factors.  The  update 
formulas  for  the  multipliers  f. ij.rjj  and  rp  are 

^'=^  +  2^, 

rfj+'  =//;  +  2^;,  7  =  1,...,  5, 


Vr 
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(9) 


where  the  superscript  n  denotes  iteration  number;  y0  is  a 
constant;  r™ax  is  the  maximum  value  of  rp.  The  param¬ 


eters  and  r™ax  are  chosen  as 


^  =  1.0, 

rl  =  0.4, 


To  = 


=  1.0,  7=1, •■•,5, 

1.25,  rf™  =  100. 


(10) 


The  constrained  minimization  problem  of  Eq.  (6)  has 
thus  become  the  solution  of  the  following  unconstrained 
problem: 


Minimize  W(x,  p,  77,  rp) . 


(ii) 


The  solution  of  the  above  unconstrained  optimization 
problem  is  obtained  by  using  the  previously  proposed 
unconstrained  multi-start  global  optimization  algorithm 
[16,17].  In  the  adopted  optimization  algorithm,  the  ob¬ 
jective  function  to  be  minimized  is  treated  as  the  po¬ 
tential  energy  of  a  traveling  particle  and  the  search 
trajectories  for  locating  the  global  minimum  are  derived 
from  the  equation  of  motion  of  the  particle  in  a  con¬ 
servative  force  field.  The  design  variables,  i.e.,  material 
constants,  that  make  the  potential  energy  of  the  particle, 
i.e.,  objective  function,  the  global  minimum  constitute 
the  solution  of  the  problem.  In  the  minimization  pro¬ 
cess,  a  series  of  starting  points  are  selected  at  random 
from  the  region  of  interest  and  the  lowest  local  mini¬ 
mum  along  the  search  trajectory  initiated  from  each 
starting  point  is  determined.  A  Bayesian  argument  is 
then  used  to  establish  the  probability  of  the  current 
overall  minimum  value  of  the  objective  function  being 
the  global  minimum,  given  the  number  of  starts  and 
the  number  of  times  this  value  has  been  achieved.  The 
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multi-start  procedure  is  terminated  once  a  target  prob¬ 
ability,  typically  0.99,  has  been  exceeded. 


4.  Experimental  investigation 

The  composite  materials  under  consideration  are 
T300/2500  graphite/epoxy  produced  by  Torayca,  Japan. 
The  properties  of  the  graphite/epoxy  material  are  first 
determined  experimentally  in  accordance  with  the  rele¬ 
vant  ASTM  specifications  [18].  Each  material  constant 
was  determined  from  tests  using  five  specimens.  The 
mean  values  and  coefficients  of  variation  of  the  experi¬ 
mentally  determined  material  constants  are  given  as 
follows: 

E\  =  124.68  GPa  (2.75%),  E2  =  9.6  GPa  (3.24%), 

Gn  =  8.64  GPa  (2.8%),  G23  =  2.32  GPa  (6.82%), 

v12  =  0.33  (5.1%).  (12) 

For  experimental  investigation,  a  number  of  square 
symmetric  laminates,  namely,  [452°/03°/  -  452o/03°/ 
452°]s  and  [02°/902o/02o/902°]s  of  dimensions  14  cm  x 
14  cm  were  manufactured  and  subjected  to  static  tests  in 
accordance  with  the  test  procedure  described  in  Ref.  [19]. 
The  lamina  thickness  for  the  laminated  plates  is  0.125 
mm.  A  schematic  description  of  the  experimental  setup 
is  shown  in  Fig.  2  in  which  the  laminate  is  clamped  at  all 
edges  and  the  actual  dimensions  of  the  laminate  are 

Loading  system  II 


10  cm  x  10  cm.  The  laminated  plates  were  subjected  to 
two  types  of  loadings,  namely,  a  center  point  load  or  a 
uniformly  distributed  load.  A  number  of  displacement 
transducers  (LVDT)  and  strain  gauges  were  placed  be¬ 
neath  the  bottom  surface  of  the  laminate  for  measuring 
the  deformational  parameters  of  the  laminate.  The  load- 
displacement  and  load-strain  curves  of  the  laminates 
were  constructed  using  the  data  measured  from  the  dis¬ 
placement  transducer  (LVDT)  and  strain  gauges,  re¬ 
spectively.  The  points  on  the  bottom  surface  of  the 
laminated  plate  at  which  the  displacements  and 
strains  were  measured  is  shown  in  Fig.  3. 


5.  Results  and  discussions 

The  aforementioned  non-destructive  evaluation 
method  will  be  applied  to  the  material  characterization 
of  the  laminated  composite  plates  which  have  been 
tested.  The  upper  and  lower  bounds  of  the  material 
constants  are  chosen  based  on  experience. 

40  ^  Ei  ^  400  GPa,  0  <  E2  <  40  GPa, 

0^  G\2  <  40  GPa,  0  <  G23  ^  40  GPa,  (13) 

0^v, 2^0.5. 

The  modified  design  variables  are  obtained  via  the  use  of 
the  following  normalization  factors: 
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Fig.  2.  A  schematic  description  of  the  experimental  setup. 
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Fig.  3.  Locations  on  laminated  plates  for  the  measurements  of  dis¬ 
placements  and  strains. 


ocj  =  1000,  oti  =  100  (i  =  2,3,4).  (14) 

Three  deformational  parameters  are  used  in  the  pre¬ 
sent  identification  method  to  determine  the  material 
constants  of  the  laminated  composite  plates.  About  eight 


starting  points  have  been  randomly  selected  to  obtain  the 
global  minimum  in  the  identification  process.  The  pre¬ 
dicted  material  constants  as  well  as  the  percentage  dif¬ 
ferences  between  the  theoretically  predicted  and 
experimentally  determined  material  constants  for  differ¬ 
ent  cases  are  listed  in  Tables  1  and  2.  It  is  noted  that  the 
present  method  can  produce  results  of  acceptable  accu¬ 
racy  for  the  cases  under  consideration.  In  particular,  for 
the  laminated  plates  subjected  to  a  point  load,  excellent 
results  can  be  obtained  for  the  predictions  of  the  material 
constants  and  in  general  their  errors  are  equal  to  or  less 
then  9%.  As  for  the  [02 °/902 °/02 ° /902 °] s  plates  subjected 
to  uniform  loads,  the  error  for  the  prediction  of  G2 3  can 
be  as  large  as  26.7%.  The  cause  of  the  relatively  large 
errors  in  the  prediction  of  G23  is  due  to  the  small  con¬ 
tribution  of  transverse  shear  deformation  to  the  magni¬ 
tudes  of  the  deformational  parameters  when  the  plate  is 
under  uniform  load.  Due  to  the  facts  that  the  value  of 
Poisson’s  ratio  is  small  and  it  has  small  effects  on  the 
deformation  of  the  laminated  composite  plates,  the  error 
in  the  prediction  of  v\2  tend  to  be  large  when  compared 
with  those  of  EUE2  and  G\2.  After  all  it  is  obvious  that 
point  load  is  more  appropriate  than  uniform  load  for  use 
in  the  identification  of  the  five  material  constants.  It  is 
also  noted  that  if  the  present  normalization  and 


Table  1 

Material  constant  identification  of  laminated  composite  plates  subjected  to  a  uniform  load 


Plate  lay-up 

Measured  deformational  parameters 

Identified  material  constants 

[45,703°/  -  452703°/452°]s 

d  (5  cm,  5  cm)a  =0.12  mm 

sx  (4.47  cm,  6.97  cm)  =  0.112  x  10“3 

8y  (3.03  cm,  5.53  cm)  =  0.14  x  10-3 

Ex  =  125.1  GPa  (0.34%)b,  E2  =  9.6  GPa  (0%) 

G,2  =  8.6  GPa  (0.46%),  G,3  =  2.5  GPa  (7.8%) 

V]2  =  0.294  (10.9%) 

[02o/902°/02°/902°]s 

d  (5  cm,  5  cm)  =  0.348  mm 
ex  (4.47  cm,  6.97  cm)  =  0.368  x  10“3 
e,(3.03  cm,  5.53  cm)  =  0.33  x  10“3 

Ex  =  123.67  GPa  (0.8%),  £,  =  9.74  GPa  (1.46%) 

Gx 2  =  8.65  GPa  (0.12%),  G23  =  2.79  GPa  (20.2%) 
v,2  =  0.36  (9%) 

d( 2.5  cm,  7.5  cm)  =  0.125  mm 
<7(5  cm,  5  cm)  =  0.348  mm 
<7(6.25  cm,  6.25  cm)  =  0.275  mm 

Ex  =  124.7  GPa  (0.016%),  E2  =  9.57  GPa  (0.33%) 

G]2  =  7.87  GPa  (8.9%),  G23  =  2.94  GPa  (26.7%) 
v12  =  0.39  (18.2%) 

a  The  values  in  the  parentheses  denote  coordinates. 

b  The  values  in  the  parentheses  denote  percentage  difference  between  predicted  and  measured  data. 

Table  2 

Material  constant  identification  of  laminated  composite  plates  subjected  to  a  point  load 

Plate  lay-up 

Measured  deformational  parameters 

Identified  material  constants 

[4527037-452°/03°/452°]s 

d  (5  cm,  5  cm)a  =0.595  mm 
sx  (4.47  cm,  8.03  cm)  =  3.5  x  10-4 
sy  (3.03  cm,  6.97  cm)  =  1.03  x  10~4 

Ex  =  124.3  GPa  (0.3%)b,  E2  =  9.8  GPa  (2.1%) 

G, 2  =  8.7  GPa  (1.1%),  G23  =  2.13  GPa  (8.2%) 

V|2  =  0.3  (9%) 

[02°/902o/02°/902o]s 

d  (5  cm,  5  cm)  =  1.63  mm 
£x  (4.47  cm,  6.97  cm)  =  1.506  x  10~3 
sy  (3.03  cm,  5.53  cm)  =  1.89  x  10~3 

Ex  =  124.2  GPa  (0.41%),  E2  =  9.8  GPa  (2.1%) 

G,2  =  8.2  GPa  (4.68%),  G23  =  2.3  GPa  (0.9%) 
v12  =  0.325  (1.5%) 

d  (2.5  cm,  7.5  cm)  =  0.352  mm 
<7  (5  cm,  5  cm)  =  1.63  mm 
d  (6.25  cm  6.25  cm)  =  1.01  mm 

Ex  =  125.1  GPa  (0.34%),  E2  =  9.82  GPa  (2.3%) 

G,2  =  7.89  GPa  (8.7%),  G23  =  2.13  GPa  (8.2%) 
vl2  =  0.31  (6%) 

aThe  values  in  the  parentheses  denote  coordinates. 

b  The  values  in  the  parentheses  denote  percentage  difference  between  predicted  and  measured  data. 
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bounding  techniques  were  not  adopted  in  the  material 
constants  identification  process,  erroneous  results  would 
be  obtained  or  there  would  be  difficulties  in  making  the 
solution  converge. 

6.  Conclusion 

A  method  for  non-destructive  evaluation  of  material 
constants  of  laminated  composite  structures  was  pre¬ 
sented.  Five  material  constants  were  identified  via  the 
minimization  of  the  error  function  which  was  used  to 
measure  the  differences  between  the  theoretical  and  ex¬ 
perimental  deformations.  A  global  minimization  algo¬ 
rithm  together  with  an  appropriate  normalization 
technique  were  used  to  determine  the  global  minimum.  A 
number  of  laminated  composite  plates  subjected  to  dif¬ 
ferent  loading  conditions  were  tested  and  three  measured 
deformational  parameters  were  used  in  the  present 
method  for  material  constants  identification.  The  study 
showed  that  the  present  method  could  produce  reason¬ 
ably  good  results.  It  was  also  demonstrated  that  loading 
condition  could  affect  the  accuracies  of  the  identified 
values  of  the  material  constants  and  the  use  of  point  load 
was  better  than  the  use  of  uniform  load.  The  present 
method  is  general  and  can  be  extended  to  the  material 
constants  identification  of  other  types  of  structures. 
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Abstract 

Shearography  is  an  optical  measurement  technique  invented  to  overcome  several  limitations  of  holography.  One  distinct  ad¬ 
vantage  is  that  it  alleviates  the  stringent  environmental  stability  demanded  by  holography,  rendering  the  technique  practical  for 
industrial  applications.  There  are  two  modes  of  shearography,  one  for  measuring  surface  displacement  and  the  other  for  measuring 
surface  displacement  derivatives.  This  paper  discusses  the  underlying  principle  of  shearography  and  its  application  in  nondestructive 
testing,  in  particular,  of  laminated  composite  structures.  In  flaw  characterization,  a  thin-plate  model  is  used  for  back-calculating  the 
shape,  size  and  location  of  debonds.  Shearographic  nondestructive  testing  relies  on  measuring  the  response  of  a  defect  to  stresses. 
Two  practical  types  of  stressing  for  revelation  of  debonds  are  described  -  static  loading  using  vacuum  stressing,  and  dynamic 
stressing  by  means  of  vibrational  excitation.  In  vibrational  stressing,  both  single  frequency  excitation  and  broadband  excitation  can 
be  used.  While  vacuum  stressing  is  limited  to  detecting  debonds  with  closed  boundaries,  the  vibrational  excitation  can  be  used  for 
detecting  debonds  with  closed  as  well  as  opened  boundaries.  A  major  drawback  associated  with  the  use  of  single  excitation  fre¬ 
quency  is  the  need  for  vibrating  the  test  object  within  an  appropriate  frequency  range,  as  otherwise  the  test  data  obtained  will  not 
readily  reveal  the  debonds.  This  paper  also  describes  a  new  method  that  uses  multiple  frequency  sweep  (equivalent  to  broadband 
excitation)  which  fosters  rapid  detection  and  unambiguous  assessment  of  the  soundness  of  adhesive  bonding.  ©  2000  Elsevier 
Science  Ltd.  All  rights  reserved. 

Keywords:  Shearography;  Laminated  composite  structures 


1.  Introduction 

Adhesive-bonded  structures  are  found  in  nearly  all 
sectors  of  the  manufacturing  and  repair  industries.  A 
common  defect  that  undermines  the  service  life  of  these 
structures  is  the  separation  of  adherends,  known  also  as 
debond  or  delamination,  caused  by  factors  such  as  weak 
bonding  during  fabrication,  and  degradation  in  adhe¬ 
sion  strength  with  time  especially  in  thermal  and  humid 
environment.  Many  nondestructive  testing  techniques 
have  thus  been  developed  to  detect  and  assess  the  em¬ 
bedded  debonds,  using  radioactive  devices  (such  as 
X-ray),  acoustics  (such  as  ultrasound),  and  optics  (such 
as  moire,  projection  grating,  holography  and  shearog¬ 
raphy).  These  optical  methods,  which  were  developed 
initially  for  surface  profiling  and  displacement/strain 
measurements,  are  based  on  the  general  principle  that, 
when  load-increment  is  applied  on  the  object,  the  re¬ 
duction  in  local  stiffness  at  its  defective  region  will 
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manifest  as  an  anomalously  deformed  area  in  compari¬ 
son  with  a  defect-free  object.  The  characteristics  of  the 
anomalous  area  are  also  a  function  of  the  size  and  lo¬ 
cation  of  the  defect,  in  addition  to  the  manner  in  which 
the  incremental  load  is  applied.  Optical  nondestructive 
testing  may  therefore  be  perceived  as  the  process  of 
identification,  in  a  methodical  manner,  of  anomalous 
regions  of  response  of  the  test  object  under  external 
stimuli  (e.g.,  load-increment),  and  back-calculation  from 
the  anomalous  response,  using  the  laws  of  mechanics, 
for  quantifying  the  shape,  size  and  location  of  defects. 

The  use  of  the  projection  grating  method  [l^t]  re¬ 
quires  projecting  a  reference  grating  of  known  distri¬ 
bution  onto  the  object  surface,  and  measuring  the 
distribution  of  the  distorted  grating  appearing  on  the 
object  surface  when  viewed  at  an  angle  -  subsequent  use 
of  the  method  of  triangulation  enables  calculation  of 
the  deformed  profile  and,  hence,  identification  and 
assessment  of  defective  regions.  The  well-known  moire 
techniques  [3,4]  measure  surface  profiles  from  the  low- 
frequency  fringes  that  are  reconstructed  from  the  inter¬ 
ference  of  the  high-frequency  reference  grating  and  the 
high-frequency  distorted  grating  that  is  diffracted  by  the 
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object  surface.  In  double-exposure  holography  [1,4-9] 
and  in  double-exposure  shearography  [4,7,10-13],  two 
successive  recordings  of  the  state  of  the  object  surface 
are  made  -  one  before,  and  another  after,  the  applica¬ 
tion  of  an  incremental  load  on  the  test  object.  The  re¬ 
constructed  fringe  pattern  represents  contour  lines  of 
displacements  (in  holography)  and  displacement-deriv¬ 
atives  (in  shearography),  thus  enabling  the  detection  of 
debonds  and  other  forms  of  defects  (e.g.,  cracks)  from 
regions  of  perturbed  fringes.  The  main  advantage  of 
shearography  over  other  optical  techniques  is  that  en¬ 
vironmental  stability  during  testing  need  not  be  strin¬ 
gently  enforced.  Moreover,  the  ability  of  shearography 
to  measure  directly  displacement-derivatives  results  in  it 
being  more  sensitive  than  many  other  optical  methods  in 
detecting  slight  anomalous  changes  in  the  surface  pro¬ 
file.  With  these  advantages,  shearography  has  offered 
itself  as  a  viable  NDT  tool  for  use  in  the  plant  envi¬ 
ronment.  The  discussion  in  this  paper,  therefore,  is  fo¬ 
cused  on  shearographic  nondestructive  evaluation  of  the 
soundness  of  bonding. 


2.  Basic  principles  of  conventional  shearography 

The  technique  of  shearography  [10-13]  requires  the 
use  of  an  image-shearing  device  placed  in  front  of  an 
ordinary  camera  so  that  two  laterally  displaced  images 
of  the  object  surface  are  focused  at  the  image  plane  of 
the  camera.  For  convenience,  separation  of  the  two 
images  are  taken  to  be  along  the  reference  x-axis  by  the 
amount  Sx.  A  point  H  on  the  overlapped  images  that  is 
recorded  with  the  camera  may  be  construed  as  light 
wavefronts  scattered  from  two  points  P(x,y,Z)  and 
Q(x  +  Sx,y,Z  +  SZ)  on  the  object  surface  being  brought 
to  interfere  at  H .  A  small  glass  wedge  [7,10-12]  or  a 
modified  Michelson  interferometer  [13]  is  commonly 
used  as  the  image-shearing  device  although  other  means 
[4,7]  of  achieving  image-shearing  have  been  found  suc¬ 
cessful.  Fig.  1(a)  shows  a  simple  optical  layout  for 
shearography  -  the  illuminated  object  surface  is  focused 
on  the  image  plane  (the  location  of  the  photographic 
plate)  of  an  image-shearing  camera  which  comprises  a 
glass  wedge  and  an  ordinary  camera.  It  is  worth  noting 
that  the  sensitivity  in  fringe  formation  may  be  enhanced 
with  the  use  of  large  wedge-angle,  as  the  amount  of 
image-shearing  Sx  is  proportional  to  the  wedge-angle. 
By  rotating  the  glass  wedge  about  the  axis  of  the  camera 
lens,  the  direction  of  image-shearing  may  be  varied  at 
will  in  the  xy-plane  -  this  enables  determination  of 
displacement-gradients  with  respect  to  any  direction 
specified  by  the  direction  of  image-shearing. 

The  complex  amplitude  UP  and  UQ  of  light  wave- 
fronts  propagated  from  the  laser  to  the  camera  image 
plane  via  the  two  neighboring  points  P  and  Q  on  the 


Transformation  Filtering 

Lens  Plane 


Reference 


(c) 

Fig.  1.  Optical  layout  for  film-based  shearography.  (a)  Small  image- 
shearing  shearography.  (b)  Shearographic  fringe  reconstruction, 
(c)  Large  image-shearing  shearography. 


object  surface  are  commonly  described  using  the  fol¬ 
lowing  expressions  [1,3-13]: 


Up  =  Ae[<f,p, 
UQ  =  Aq'^ 


where  A  is  the  real  amplitude  of  light  wavefront  and,  for 
simplicity,  it  is  assumed  to  be  a  constant  value  along  the 
object  surface;  (j)  is  the  phase  related  to  the  optical  path 
length  measured  from  the  laser  to  the  camera  image 
plane  via  the  object  surface;  and  the  subscripts  P  and  Q 
represent  the  two  neighboring  points  on  the  object  sur¬ 
face. 

When  a  high  resolution  photographic  plate  is  placed 
at  the  image  plane  of  the  camera,  the  intensity  distri¬ 
bution  7j  on  the  object  surface  that  is  recorded  is  given 
by  [(Up  +  Uq)(Up  +  Uq)],  where  U*  denotes  the  complex 
conjugate  of  U.  Thus,  the  following  expression  is  ob¬ 
tained: 


I\  =  2A2  [l  +  cos  (4>P  -  <j)Q)]. 


(2) 
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The  term  (<£/>- 0e)  may  be  regarded  as  the  reference 
phase-difference,  or  the  reference  relative  phase,  between 
the  two  neighboring  points  P  and  Q.  Denoting  ($P  -  <j>Q ) 
by  the  symbol  a,  Eq.  (2)  may  be  rewritten  as  follows: 

I\  =  2A2[1  +  cos  a].  (3) 

Slight  deformation  of  the  object  surface  changes  the 
positions  of  points  P  and  Q  to  the  new  positions  P  and 
Q  (not  shown  in  Fig.  1(a)),  and,  hence,  causes  a  change 
in  the  respective  optical  path  lengths.  The  corresponding 
phase-change  A  gives  rise  to  a  new  intensity  distribution 
I2  to  be  recorded  on  the  same  photographic  plate  during 
the  second  exposure.  Again,  by  assuming  the  real  am¬ 
plitude  A  of  light  wavefront  (Eqs.  (l)-(3))  to  remain 
unchanged,  the  mathematical  expression  for  I2  may  be 
written  in  the  same  manner  as  Eq.  (3),  that  is 

h  —  2A2[1  +  cos  (a  +  A)].  (4) 


The  resulting  intensity  distribution  /sum  that  is  recorded 
on  the  same  photographic  film  is  the  summation  of  ij 
and  /2.  The  use  of  Eqs.  (3)  and  (4)  subsequently  yields 
the  following  expression: 


4um  —  4 A2  +  4 A2 


cos 


(5) 


As  seen  in  Eq.  (5),  /sum  comprises  a  high-dc  term 
(denoted  by  4^42),  a  high-frequency  varying  term  (con¬ 
taining  the  random  phase  a  and  the  deformation  phase- 
change  A)  modulated  by  a  low-frequency  varying  term 
that  is  related  only  to  A.  The  resulting  fringe  pattern  is 
not  readily  visible,  but  it  can  be  reconstructed  using  an 
optical  high-pass  Fourier  filtering  technique  whose  op¬ 
tical  set-up  [10-12]  is  illustrated  in  Fig.  1(b).  With  this 
simple  optical  arrangement,  the  following  equation  [14] 
is  readily  derived  which  shows  that  phase-fringes  rep¬ 
resenting  loci  of  constant  phase-change  A  may  be  re¬ 
constructed  from  a  doubly  exposed  shearogram 


where  k  is  a  constant  related  to  the  set-up  of  the  optical 
high-pass  filter.  A  visible  fringe-line  [1,3-14]  is  formed 
when  A  =  Nn,  where  N  is  the  fringe  order  with  N  = 
±(0, 2, 4,6,.. .)  being  attached  to  bright  fringes  and  N  = 
±(1,3, 5, 7,...)  being  attached  to  dark  fringes.  The  use 
of  optical  high-pass  filtering  gives  a  theoretical  fringe 
visibility  of  100%;  but  if  fringe  visibility  is  not  a  major 
concern,  shearographic  fringes  are  also  reconstructed 
when  the  shearogram  is  viewed  against  a  strong  light 
source  [14]. 

The  magnitude  of  phase-change  A  is  related  to  the 
wavelength  X  of  the  laser,  the  refractive  index  n  of  the 
media  through  which  the  laser  beam  propagates,  and 
the  geometrical  path-change  SL  caused  by  surface  de¬ 
formation  [1,3-13].  If  n  and  X  are  both  held  constant 


when  the  two  exposures  are  made,  the  phase-change  A  is 
given  by  the  following  expression: 


where,  with  reference  to  Fig.  1(a),  the  geometrical  path- 
change  SL,  which  corresponds  to  the  point  P  being 
shifted  to  P ,  and  the  point  Q  to  Q,  is  given  by  the 
following  expression: 

5L=[(S&  +  0H)-(SQ  +  QH)\ 

-  [(SP'  +  P>H)  -  (l SP  +  PH)] . 

The  amount  of  image-shearing  Sx  is  governed  by  the 
magnitude  of  the  wedge-angle.  The  use  of  small  wedge- 
angle  results  in  small  image- shearing  (Fig.  1(a)),  so  that 
Eq.  (8)  prevails  -  this  forms  the  basis  of  conventional 
shearography  [10-12]  in  which  the  following  expression 
related  to  displacement-derivatives  is  obtained: 

2n  (  .  _0w  .  Qv  m  0w\  c 

J  =  -T(,smeS+s,n%  +  <1  +  cose)&J&s''-”- 

(9) 

where  X  is  the  wavelength  of  the  laser  used;  u,  v,  and  w 
the  displacement  components  along  the  reference  x-,  y-, 
and  z-axis,  respectively;  6  and  ft  the  the  angles  of  illu¬ 
mination  with  respect  to  the  yz-plane  and  the  xz-plane; 
Sx  the  amount  of  image-shearing  that  is  directed  along 
the  reference  x-axis;  and  Nx  is  the  fringe  order  with  even 
integers  denoting  bright  fringes  and  odd  integers  de¬ 
noting  dark  fringes.  Suppose  image-shearing  is  directed 
along  an  arbitrary  (-axis  by  the  amount  S(9  the  phase- 
change  Ac  that  is  equivalent  to  Eq.  (9)  is  now  given  by 
the  following  expression: 

Ag  =  — —  (  sin  0—  +  sin  +  ( 1  +  cos  9)  —  )  Sq  =  NQn, 

(10) 

where  is  the  fringe  order  of  the  resulting  fringe  pattern. 

The  use  of  large  wedge-angle,  on  the  other  hand, 
gives  rise  to  large  image-shearing  so  that,  with  reference 
to  Fig.  1(c),  the  point  Q  lies  on  a  reference  surface  ex¬ 
ternal  to  the  test  object,  or  on  a  point  within  the  object 
surface  where  deformation  there  is  negligible.  The  geo¬ 
metrical  path-change  SL  is  now  caused  by  point  P  being 
shifted  to  P  and  it  is  given  by  the  following  expression: 

SL  =  (SP  +  PH)  -  (SP  A  PH).  (11) 

It  is  noted  that  Eq.  (11)  also  represents  the  geometrical 
path-change  SL  in  conventional  holography  [1,4-9]  that 
yields  the  following  displacement-related  expression: 

2n 

A  =  — —[(sin  6)u  +  (sin  P)v  +  (1  +  cos  0)w\  =  Nn , 

A 

(12) 

where  N  is  the  fringe  order  of  the  resulting  holographic 
fringe  pattern. 
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Eqs.  (9)  and  (12)  have  thus  led  to  the  suggestion  [15] 
that  shearography,  in  broad  sense,  may  be  perceived  as 
an  optical  technique  that  encompasses  both  conven¬ 
tional  shearography  and  conventional  holography,  de¬ 
pending  on  the  amount  of  image-shearing  used  during 
testing.  As  an  illustration,  a  circular  plate  with  fully 
clamped  boundary  is  subjected  to  central  point  load- 
increment  between  two  exposures.  With  the  use  of  small 
image-shearing,  Fig.  2(a)  shows  the  typical  butterfly¬ 
shaped  fringes  that  depict  loci  of  constant  displacement- 
gradients  (shearographic  fringes).  On  the  other  hand, 
when  large  image-shearing  is  used,  Fig.  2(b)  shows 


Fig.  2.  Typical  fringe  pattern  for  a  centrally  point-loaded  circular 
plate,  (a)  Formation  of  butterfuly-shaped  shearographic  fringes  due  to 
small  image-shearing,  (b)  Formation  of  concentric  circular  holo¬ 
graphic  fringes  due  to  large  image-shearing. 


concentric  circular  fringes  that  represent  loci  of  constant 
out-of-plane  displacements  (holographic  fringes). 


3.  Basic  principles  of  digital  shearography 

With  the  rapid  advancement  of  computer  technology 
and  image-processing  techniques,  digital  shearography 
was  developed  using  either  a  Michelson  shearing  inter¬ 
ferometer  [4,7,13,16,17]  or  a  birefringent  crystal  [15,18 
20]  as  the  image-shearing  device.  The  use  of  these 
devices  is  generally  confined  to  small-image  shearing 
that  is  equivalent  to  conventional  shearography.  None¬ 
theless,  as  shown  in  Fig.  2(b)  as  well  as  results  reported 
earlier  [15,18],  the  use  of  a  birefringent  prism  with  large 
image-shearing  also  produces  displacement-related  ho¬ 
lographic  fringes.  In  Fig.  3  is  shown  a  typical  layout  for 
small  image-shearing  digital  shearography  using  a  bire¬ 
fringent  prism.  The  prism  splits  an  incoming  laser  beam 
into  two  beams  that  are  orthogonally  plane-polarized, 
hence  the  formation  of  two  overlapping  images  of  the 
test  object.  The  degree  of  overlap  depends  on  the 
amount  of  image-shearing  provided  by  the  birefringent 
prism.  Light  wavefront  scattered  from  a  point  on  the 
overlapped  region  may  therefore  be  viewed  as  the  su¬ 
perposition  of  light  wavefronts  scattered  from  two 
points  P  and  Q  on  the  object  surface.  The  additional  use 
of  a  polarizer  in  front  of  the  video  camera  is  to  ensure 
interference  of  the  two  light  wavefronts.  Where  need 
arises,  a  phase-shifter  may  be  placed  between  the  test 
object  and  the  birefringent  prism  in  order  to  facilitate 
multiple-frame  phase-shifting  [15,18-20]. 

The  intensity  distributions  recorded  using  the  digital 
camera  system  during  the  first  and  second  exposures  are 
expressed  by  Eqs.  (3)  and  (4).  Instead  of  image-addition 
that  takes  place  in  film-based  shearography,  image- 


Laser  Light 


Fig.  3.  Optical  layout  for  digital  shearography  using  a  birefringent 
prism. 


Y.  Y.  Hung  et  al  /  Composite  Structures  50  (2000)  353-362 


357 


subtraction  is  generally  performed  in  digital  shearogra- 
phy  [15,18-20]  that  leads  to  the  following  expression: 


Aliff  — 


—  4A2 


sin 


(13) 


In  Eq.  (13),  numerical  values  of  /diff  are  chosen  as  in¬ 
tensities  and  quantified  digitally  in  terms  of  gray  level, 
which,  for  8-bit  digitization  hardware,  ranges  from  0 
(darkest)  to  255  (brightest).  Although  Eq.  (13)  com¬ 
prises  a  high-frequency  varying  term  (containing  a  and 
A)  modulated  by  a  low-frequency  varying  term  (con¬ 
taining  only  A ),  visible  fringes  are  displayed  on  the 
computer  monitor,  with  the  deformation  phase-change 
A  defined  by  Eq.  (9)  for  small  image-shearing  and  by 
Eq.  (12)  for  large  image-shearing. 

Unlike  film-based  shearography,  which  relies  on  vis¬ 
ible  fringes  for  quantitative  interpretation  of  test  data, 
digital  shearography  extracts  deformation-related 
phases  A  directly  from  the  measured  intensities  using 
computer  programs.  The  measured  phases  are  then  re¬ 
lated  to  deformation  for  subsequent  interpretation.  The 
multiple-frame  phase-shifting  (such  as  four-frame 
phase-shifting)  and  Fast  Fourier  Transform  methods 
are  commonly  used  for  extracting  and  unwrapping  the 
phases  [2,13,15-20],  A  simple  approach  [2,15]  is,  instead 
of  using  Eq.  (13)  to  directly  calculate  the  phase-change 
A,  Eqs.  (3)  and  (4)  are  used  to  determine  separately  the 
phases  a  and  (a  +  A)  using  multiple-frame  phase-shifting 
technique  or  Fast  Fourier  Transform  technique;  the 
difference  of  the  two  determined  phases  subsequently 
gives  the  values  of  A. 


4.  Shearographic  nondestructive  testing 

Shearographic  nondestructive  testing  is  the  process  of 
identification  and  quantitative  interpretation  of  fringe- 
phase  anomalies  appearing  on  the  illuminated  surface  of 
the  test  object  when  it  is  subjected  to  load-increment 
between  exposures.  The  incremental  load  is  generally 
either  static  or  vibrational  [1,4-9,12,19-23].  With  static 
loading,  the  resulting  fringe  pattern  is  described  by 
Eq.  (9)  for  small  image-shearing  or  by  Eq.  (12)  for  large 
image-shearing. 

When  the  test  object  is  subjected  to  steady-state  out- 
of-plane  vibration  with  amplitude  variation  given  by 
z{x ,  t)  =  Z(x)  sin  cot ,  the  recording  device,  which  is  either 
film-based  (Fig.  1)  or  digital-based  (Fig.  3),  integrates 
light  intensity  diffracted  from  the  vibrating  object  with 
an  integration  time  exceeding  several  vibrational  peri¬ 
ods.  For  near  normal  illumination  and  recording,  the 
resulting  intensity  distribution  is  related  to  zero-order 
Bessel  function  of  the  first  kind  so  that  nodal  points 
appear  as  bright  spots  [1,4-9,21-23]  on  the  recon¬ 
structed  fringe  pattern.  With  small  image-shearing,  the 
nodal  point  corresponds  to  dZ(x)/Qx  =  0,  but  with  large 


image-shearing,  the  nodal  point  corresponds  to 
Z(x)  =  0.  This  method  of  recording  fringe  patterns  is 
commonly  known  as  time-average,  or  time-integrated, 
holography  and  shearography  [1,4-9,21-23].  As  the 
scope  of  shearography  also  covers  holography  [15],  this 
technique  may  conveniently  be  named  as  Time-Inte¬ 
grated  Shearography.  Whilst  the  principle  of  time-inte¬ 
grated  shearography  will  be  presented  later  in  this 
paper,  the  following  section  illustrates  the  use  of  static 
loading  for  the  detection  and  quantitative  assessment  of 
closed-boundary  debonds  in  laminates. 


5.  Detecting  and  assessing  debonds  in  laminates 

Debonds  with  closed  boundaries  are  readily  revealed 
when  the  load-increment  applied  between  exposures  is  in 
the  form  of  heating,  vacuum  stressing  or  single  fre¬ 
quency  vibrational  excitation  [1,4-9].  With  vacuum 
stressing,  Fig.  4(a)  shows  typical  small  image-shearing 


Fig.  4.  Typical  perturbed  fringe  patterns  of  a  layered  panel  containing 
debonds  embedded  at  various  depths,  (a)  Shearographic  fringes  due  to 
small  image-shearing,  (b)  Holographic  fringes  due  to  large  image- 
shearing. 
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shearographic  fringe  patterns  of  a  layered  plate  struc¬ 
ture  containing  square  debonds  embedded  at  different 
depths  from  the  illuminated  surface;  and  Fig.  4(b)  shows 
the  corresponding  holographic  (equivalent  to  large  im¬ 
age-shearing)  fringe  patterns.  It  is  observed  that  (i)  the 
shape  of  the  boundary  of  perturbed  fringes  is  similar  to 
that  of  the  debond;  (ii)  the  perturbed  fringe-density  de¬ 
creases  with  increasing  depth  of  debond;  and  (iii)  with 
nonresilient  adhesive  layers,  the  boundary  of  perturbed 
fringes  is  nearly  of  the  same  size  as  the  debond. 

For  quantitative  assessment  of  the  shape,  size  and 
depth  of  debonds  in  laminates  bonded  using  nonresilient 
or  brittle  adhesives,  a  thin-plate  model  [24-26]  based  on 
these  observations  was  thus  developed.  In  this  model,  a 
fully  clamped  plate,  whose  boundary  and  size  are  iden¬ 
tical  with  those  of  the  region  of  perturbed  fringes  and 
whose  thickness  is  equal  to  the  depth  of  debond,  is 
subjected  to  uniform  lateral  pressure-increment  of 
magnitude  equal  to  the  applied  vacuum  pressure-incre¬ 
ment.  Invoking  elastic  plate-bending  theory,  the  actual 
depth  of  debond  may  be  back-calculated  from  the 
measured  debond  size  (equal  to  the  size  of  the  anoma¬ 
lous  fringe  area)  and  the  fringe  distribution  appearing 
within  the  debonded  region.  For  adhesives  exhibiting 
pronounced  elastic  behavior,  this  simple  model  was 
subsequently  modified  [27]  to  account  for  the  over-esti¬ 
mated  debond  size  due  to  the  resilience  of  the  adhesive 
layers,  which  may  be  assumed  as  of  Winkler  type.  In 
performing  quantitative  assessment  of  defect  geometry, 
degradation  with  time  and  service  environment  of  the 
bonding  agents  frequently  makes  it  extremely  difficult 
for  the  analyst  to  define  accurately  the  boundary  con¬ 
ditions  of  the  entire  test  structure  as  well  as  those  of  the 
defective  region.  Thus,  the  foundation  modulus  at  the 
boundary  of  debond,  and  the  actual  size  and  depth  of 
debond  are  parameters  used  in  the  iteration  algorithm 
for  back-calculation;  the  minimum  discrepancy  between 
theoretical  and  experimental  fringe  distribution  corre¬ 
sponds  to  the  actual  debond  size  and  depth.  The  main 
advantage  of  this  modified  thin-plate  model  therefore 
lies  in  not  having  to  pre-determine  the  foundation 
modulus  of  the  adhesive  layers,  or  the  edge  conditions, 
before  back-calculation  is  made  -  a  simple  iteration 
procedure  rapidly  yields  the  size  and  depth  of  the  de¬ 
bond  with  good  accuracy. 

The  fringes  for  fully  overlapping  identical  debonds 
are  visually  similar  to  those  for  single  debonds,  as  are 
shown  in  Fig.  5,  where  defects  in  the  form  of  a  single 
debond  (Flaw  #1),  two  fully  overlapping  identical  de¬ 
bonds  (Flaw  #2),  and  two  partially  overlapping  identi¬ 
cal  debonds  (Flaw  #3)  are  embedded  [28].  By  recording 
the  fringe  patterns  on  both  sides  of  the  test  plate  (Fig. 
5(a)  and  (b))  and  using  the  foregoing  thin-plate  model,  it 
is  possible  to  ascertain  the  presence  of  only  one  debond, 
or  the  presence  of  two  or  multiple  debonds  that  are  fully 
overlapped.  Thus,  the  size  and  depths  of  two  fully 


Fig.  5.  Typical  holographic  fringe  patterns  [28]  (equivalent  to  large 
image-shearing)  revealing  the  presence  of  a  single  debond  (Flaw  #1), 
two  fully  overlapping  identical  debonds  (Flaw  #2),  and  two  partially 
overlapping  identical  debonds  (Flaw  #3)  in  a  laminated  plate  tested 
using  vacuum  stressing,  (a)  Fringe  pattern  on  one  side  of  the  test  plate, 
(b)  Fringe  pattern  on  the  opposite  side  of  the  same  lest  plate. 


overlapping  debonds,  as  well  as  those  of  two  partially 
overlapping  debonds,  may  also  be  accurately  back-cal¬ 
culated  [28]  using  the  thin-plate  model  [24 — 26]  or  the 
modified  model  [27]  that  was  developed  initially  for 
single  debonds. 

In  Figs.  4(b)  and  5  are  seen  thick  fringes  sparsely 
spreading  across  the  entire  plate  surface,  together  with 
concentrated  dense  fringes  in  the  form  of  near-concen¬ 
tric  circles  at  the  locations  of  the  debonds.  The  sparse 
fringes,  which  are  attributed  to  slight  deflection  of  the 
glass  cover  of  the  vacuum  chamber  during  vacuum 
stressing,  therefore,  act  as  carrier  to  the  dense  circular 
fringes,  resulting  in  the  formation  of  a  distinct  C-shaped 
fringe  pattern.  By  introducing  a  set  of  linear  holographic 
carrier  fringes  onto  the  thin-plate  model,  the  theoretical 
fringe  pattern  represented  by  the  family  of  solid  lines  in 
Fig.  6  is  of  C-shape  [29]  which  is  similar  to  the  experi¬ 
mental  fringe  patterns  in  Figs.  4(b)  and  5.  It  is  noted 
that,  in  Fig.  6,  the  dotted  circle  represents  the  circular 
debond,  whose  center  coincides  with  the  origin  of  the 
reference  axes  that  have  been  normalized  by  the  radius 
R  of  debond.  In  Fig.  5  is  seen  dense  anomalous  fringes 
for  Flaw  #2;  thus  the  effect  of  the  sparse  carrier  is  not 


Y.  Y.  Hung  et  al  l  Composite  Structures  50  (2000)  353-362 


359 


Fig.  6.  Theoretical  holographic  fringe  pattern  [29]  illustrating  the  effect 
of  vertical  carrier  fringes  on  the  circular  deformation  fringes. 


prominent  enough  for  opening-up  the  dense  fringes  to 
attain  C-shaped.  With  a  fringe  pattern  including  the 
effect  of  carrier,  a  simple  method  was  developed  to  back- 
calculate  the  geometry  and  depth  of  debonds  [29]. 

In  Fig.  5,  the  peculiar  shape  of  the  fringes  (resembling 
the  numeric  8)  corresponding  to  two  partially  overlap¬ 
ping  debonds  (Flaw  #3)  may  easily  be  explained  in  the 
light  of  the  thin-plate  model  [28]  that  is  illustrated 
schematically  in  Fig.  7(a).  Upon  eliminating  the  effect  of 
the  carrier  fringes  and  ignoring  localized  effects  at  the 
boundary  of  the  debonded  area,  the  resulting  deflection 
of  two  equivalent  plates  (with  their  respective  thickness 
equal  to  the  debond  depths  h\  and  h2 )  that  are  partially 
overlapping  is  calculated  using  this  model.  As  shown  in 
Fig.  7(b),  the  two  dotted  circles  represent  the  two 
overlapping  circular  debonds  and  the  solid  curves  rep¬ 
resent  the  theoretical  fringes  that  depict  loci  of  constant 
out-of-plane  deflection.  It  is  readily  seen  that  the  theo¬ 
retical  fringe  pattern  is  similar  to  the  experimental  fringe 
pattern  for  Flaw  #3  in  Fig.  5.  Hence,  the  geometry  and 
depths  of  two  partially  overlapping  debonds  may  also  be 
back-calculated  [28]. 


6.  Digital  time-integrated  shearography 

Initially,  time-integrated  shearography  was  developed 
using  photographic  films  as  the  recording  media:  nodal 
points  thus  appear  as  bright  spots  on  the  reconstructed 
fringe  pattern  [1,4-9,21,22].  With  rapid  advancements  in 
computer  technology  and  image  processing  techniques, 
digital  time-integrated  shearography  is  now  readily 


achieved  [23].  The  optical  set-up  and  the  underlying 
principle  of  this  technique  are  similar  to  those  of  con¬ 
ventional  digital  shearography  (Fig.  3).  During  the  first 
exposure  when  the  test  object  is  stationary,  the  intensity 
distribution  recorded  using  the  CCD  camera  is  ex¬ 
pressed  by  Eq.  (3).  The  second  recording  is  made  at  any 
time  t  when  the  object  is  subjected  to  periodic  excitation 
z{x,t)  —  Z(x)  sin  co/,  where  Z(x )  denotes  the  amplitude 
and  co  denotes  the  excitation  frequency.  With  small 
image-shearing,  the  corresponding  intensity  distribution 
It  recorded  using  the  digital  camera  is  given  by  the  fol¬ 
lowing  equation: 


It  = 


1  +  cos 


An  0Z(x) 
X  0x 


5x  sin  cot 


(14) 


where  X  denotes  the  wavelength  of  the  laser;  and  dx 
denotes  the  amount  of  image-shearing  along  the  refer¬ 
ence  x-axis. 

Recording  the  response  of  the  test  object  over  a  pe¬ 
riod  of  time  T  that  exceeds  several  vibrational  periods, 
the  time  average  of  intensity  over  T  may  be  derived  to  be 


h 


An  0Z(x) 
X  0X 


(15) 


where 


Jo 


An  0Z(x) 

~I~&Tdx 


is  known  as  the  zero-order  Bessel  function  of  the  first 
kind. 

As  in  digital  shearography,  subtracting  Eq.  (3)  from 
Eq.  (15)  yields  the  following  expression: 


It  —  I i  =  2 A2  cos  a 


471  0Z(x)  ‘ 

i~&rSx 


(16) 


Thus,  corresponding  to  0Z(x)/0x  =  0,  a  dark  area  (that 
is,  SIT  =  0  or  zero  gray  level)  indicating  the  nodal  point 
will  appear  on  the  dIT- map.  With  large  image-shearing, 
which  is  equivalent  to  conventional  time-average  digital 
holography,  the  dIT- map  obtained  using  image-sub¬ 
traction  is  still  described  by  Eq.  (16)  except  that  the 
Bessel  function  is  now  written  as 


Again,  the  darkest  spot  on  the  ^/r-map  represents  the 
nodal  point  with  Z(x)  =  0. 

As  an  illustration,  Fig.  8  shows  a  wide  flat  plate  that 
is  adhesive-bonded  (represented  by  the  shaded  region 
along  the  horizontal  direction)  to  a  rigid  C-channel.  At 
the  center  of  the  C-channel,  an  area  of  debond  (non- 
shaded  region  along  the  horizontal  direction)  is  delib¬ 
erately  created.  The  optical  arrangement  for  conducting 
this  test  resembles  that  shown  in  Fig.  3,  except  that  a 
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Fig.  7.  Quantitative  assessment  of  overlapping  debonds  [28].  (a)  A  simple  model  for  two  partially  overlapping  identical  circular  debonds, 
(b)  Comparison  between  theoretical  fringe  pattern  and  experimental  fringe  pattern  for  Flaw  #3  in  Fig.  5. 
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Fig.  8.  Shearographic  NDT  of  a  flat  wide  plate  adhesive-bonded  to  a 
rigid  C-channel.  The  nonshaded  area  along  the  central  region  of  the 
C-channel  denotes  an  artificial  debond. 


high-powered  loudspeaker  is  placed  behind  the  test 
plate.  The  desired  frequency  of  excitation  is  achieved 
using  a  computer-controlled  wavefront  generator  and 
amplifier.  As  shown  in  Fig.  9(a)  and  (b),  the  white  patch 
on  the  dIT- map  along  the  central  region  of  the  C-chan¬ 
nel  readily  reveals  the  debonded  area  when  the  structure 


is  tested  at  4.13  and  at  8.68  kHz.  However,  as  shown  in 
Fig.  9(c),  when  the  frequency  of  7.48  kHz  is  used,  the 
debonded  area  is  not  revealed  since  a  dark  patch  ap¬ 
pears  along  the  entire  C-channel  on  the  <5/r-map.  Thus, 
a  major  drawback  of  using  single  excitation  frequency 
lies  with  the  difficulty  in  pre-selecting  the  appropriate 
excitation  frequency  that  will  reveal  the  debonded  area. 
To  alleviate  this  drawback,  it  is  necessary  to  test  the 
structure  within  a  range  of  excitation  frequencies.  This 
subsequently  leads  to  the  development  of  time-inte¬ 
grated  shearography  combined  with  multiple  frequency 
sweep,  which  is  described  as  follows: 


7.  Digital  time-integrated  shearography  with  multiple 
frequency  sweep 

The  foregoing  equations  (e.g.,  Eq.  (16))  for  time-in¬ 
tegrated  shearography  were  derived  using  a  single  exci- 
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Fig.  9.  Detection  of  debond  using  small  image-shearing  Time-Inte¬ 
grated  Shearography  with  single  excitation  frequency,  (a)  The  debond 
is  revealed  when  excited  at  4.13  kHz.  (b)  The  debond  is  revealed  when 
excited  at  8.68  kHz.  (c)  The  debond  is  not  revealed  when  excited  at 
7.48  kHz. 

tation  frequency  co.  In  examining  the  soundness  of 
bonded  layers  using  multiple-frequency  sweep  with  fre¬ 
quencies  coa,  cob,  coc, . . . ,  con,  it  would  be  desirable  if  the 
improperly  bonded  area  appears  as  an  anomalous  patch 
on  the  final  SIT- map.  For  this  purpose,  a  computer  al- 


Fig.  10.  Detection  of  debond  using  small  image-shearing  Time-Inte¬ 
grated  Shearography  with  multiple  frequency  sweep  (2.51-8.68  kHz). 


gorithm  is  written  which  takes  into  account  of  the 
individual  intensity  distributions  (Eq.  (16))  for 
coa,o)ft,coc,...)a>w,  so  that  the  resulting  intensity  distri¬ 
bution  on  the  <5/r-map  will  correspond  to  the  maximum 
gray  level  over  the  test  frequency-spectrum.  Thus,  a 
properly  bonded  area  will  manifest  as  a  dark  patch 
whilst  an  unsound  area  of  bonding,  or  debond,  will 
appear  as  white. 

As  an  illustration  of  this  technique,  the  same  bonded 
structure  in  Fig.  8  is  tested  with  a  multiple-frequency 
sweep  ranging  from  2.51  to  8.68  kHz.  The  resulting 
white  patch  in  Fig.  10  at  the  central  region  along  the 
C-channel  readily  reveals  the  debonded  area;  elsewhere 
along  the  C-channel  is  shown  dark,  indicating  sound 
bonding. 


8.  Concluding  remarks 

Shearography  was  developed  initially  for  direct 
measurement  of  surface  strains  but  was  later  extended  to 
other  applications  such  as  flaw  detection.  Being  whole- 
field  and  noncontacting,  this  technique  is  particularly 
useful  for  revealing  debonds  in  composite  structures.  As 
a  separate  reference  beam  is  not  needed  in  shearogra¬ 
phy,  the  requirement  for  environmental  stability  during 
testing  is  less  stringent  than  many  other  optical  tech¬ 
niques  such  as  moire  and  holography.  Whilst  conven¬ 
tional  shearography  uses  a  small  image-shearing  device 
to  give  displacement-gradients  on  the  object  surface, 
deliberate  use  of  a  large  image-shearing  device  enables 
direct  measurement  of  surface  displacements.  Thus, 
shearography  may  also  be  perceived  as  an  optical  tech¬ 
nique  that  measures  both  surface  displacements  and 
surface  strains,  depending  on  the  amount  of  image¬ 
shearing  used  in  the  set-up. 

Shearographic  flaw  detection  requires  the  use  of 
suitable  stressing  techniques  that  readily  reveals  defects. 
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Vacuum  stressing  and  steady-state  vibration  are  effective 
for  detecting  debonds  with  closed-boundaries.  Inter¬ 
pretation  of  test  results  with  reference  to  mechanics 
equations  further  facilitates  back-calculation  for  the 
geometry  and  location  of  the  debonds  that  are  detected. 
If  steady-state  vibration  is  applied  to  the  test  object,  the 
use  of  single  excitation  frequency  may  give  erroneous 
conclusion  on  the  soundness  of  the  bonding  unless  an 
appropriate  range  of  excitation  frequency  is  selected. 
This  paper  also  demonstrates  that  the  use  of  multiple 
frequency  sweep  alleviates  the  difficulties  encountered  in 
using  single  excitation  frequencies. 
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Abstract 

A  combined  numerical-experimental  method  for  the  identification  of  six  elastic  material  modulus  of  generally  thick  composite 
plates  is  proposed  in  this  paper.  This  technique  can  be  used  in  composite  plates  made  of  different  materials  and  with  general  stacking 
sequences.  It  makes  use  of  experimental  plate  response  data,  corresponding  numerical  predictions  and  optimisation  techniques.  The 
plate  response  is  a  set  of  natural  frequencies  of  flexural  vibration.  The  numerical  model  is  based  on  the  finite  element  method  using  a 
higher-order  displacement  field.  The  model  is  applied  to  the  identification  of  the  elastic  modulus  of  the  plate  specimen  through 
optimisation  techniques,  using  analytical  sensitivities.  The  validity,  efficiency  and  potentiality  of  the  proposed  technique  is  discussed 
through  test  cases.  ©  2000  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Identification;  Mechanical  properties;  Numerical-experimental  vibrations;  Sensitivity  analysis;  Optimisation 


1.  Introduction 

The  dynamic  free  vibration  behaviour  of  a  structure 
made  of  anisotropic  materials  depends  on  its  geometry, 
density,  boundary  conditions  and  elastic  constants. 
Hence,  a  non-destructive  method  for  the  determination 
of  the  elastic  constants  of  the  materials  that  make  up  the 
structure  can  be  developed.  The  method  combines  ex¬ 
perimental  results  of  a  free  vibration  test  with  a  nu¬ 
merical  model  capable  of  predicting  the  dynamic  free 
vibration  behaviour  of  the  structure  and  makes  use  of 
optimisation  techniques. 

Thus,  it  becomes  necessary  to  use  an  error  measure 
that  expresses  the  difference  between  experimental  and 
numerical  eigenvalues.  This  error  measure  is  then 
minimised  with  respect  to  the  elastic  modulus  of  the 
different  materials. 

This  work  is  a  generalisation  of  the  work  presented 
by  Mota  Soares  and  coworkers  (see  e.g.,  [1,2])  using  the 
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Mindlin  plate  theory  along  with  a  finite  element  model, 
and  Araujo  et  al.  [3]  using  a  higher-order  displacement 
finite  element  model.  It  has  the  innovative  aspect  of 
contemplating  identification  of  mechanical  parameters 
of  specimens  having  layers  made  up  of  several  materials 
and  general  stacking  sequences.  It  is  closely  related  to 
the  developments  presented  by  Pedersen  [4]  for  thin 
plates  using  the  classical  plate  theory  and  Frederiksen  [5] 
for  thick  plates  using  a  higher-order  theory  associated  to 
a  numerical  model  based  on  the  Rayleigh-Ritz  ap¬ 
proach  for  symmetric  lay-ups  and  specimens  made  of  a 
single  material.  Other  research  works  that  also  use  the 
Rayleigh-Ritz  method  along  with  the  classical  plate 
theory  were  presented  by  Wilde  and  Sol  [6],  Sol  [7]  and 
Wilde  [8],  using  Bayesian  estimation  instead  of  optimi¬ 
sation  techniques  for  symmetric  single  material  lami¬ 
nates.  Lai  and  Ip  [9]  presented  a  method,  using  the 
Kirchhoff  plate  theory,  which  takes  into  account  both 
the  confidence  associated  with  mathematical  modelling 
and  parameter  estimates.  This  last  technique  has  been 
validated  satisfactorily  on  symmetric  single  material 
laminates.  In  fact,  in  more  recent  works,  priority  is  given 
to  assessment  of  uncertainties.  In  [10],  these  questions 
are  addressed  based  on  statistics. 
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More  recently,  a  method  based  on  response  surfaces 
has  been  used  by  Rikards  and  coworkers  (see  e.g., 
[11,12])  and  Bledzki  et  al.  [13].  This  technique  commonly 
called  planning  of  experiments  was  used  successfully  to 
identify  elastic  properties  in  unidirectional  laminates. 

The  use  of  model  updating  techniques  for  the  iden¬ 
tification  of  mechanical  properties  of  laminates  was  also 
presented  by  Cunha  and  Piranda  [14],  applied  to  sand¬ 
wich  composite  structures. 

An  overview  of  different  approaches  on  combined 
numerical-experimental  identification  methods  with  the 
goal  of  obtaining  material  stiffness  for  composite 
structures,  based  on  eigenfrequencies  and  optimisation, 
is  carried  out  by  Pedersen  [15]. 

2.  Numerical  model 

The  eigenvalue  problem  and  the  sensitivity  analysis 
are  carried  out  using  a  third-order  shear  deformation 
theory  whose  pioneering  works  are  described  in  [16,17] 
and  has  been  applied  to  discrete  finite  element  models  by 
Mallikarjuna  and  Kant  [18],  among  others.  Full  details 
regarding  the  model  development  and  implementation 
for  dynamics  can  be  found  in  [19,20]. 

Fig.  1  shows  a  rectangular  plate  of  constant  thickness 
h  and  plane  dimensions  a  and  b.  A  Cartesian  coordinate 
system  {x,y,z)  is  located  at  the  middle  plane  as  shown. 

The  assumed  displacement  field  is  a  third-order  ex¬ 
pansion  in  the  thickness  coordinate  for  the  in-plane 
displacements  and  a  constant  transverse  displacement: 

u(x,y,z,t)  =  u0(x,y,  t)+zOx(x,y ,  t) 

+  z2u*0{x,y,  t) +z30*x(x,y,  t), 

v(x,y,z,t)  =  v0(x,y,t)+zOy(x,y,t)  (1) 

+  z2v*0(x, y,  t)  +  z39*(x,y,  t), 
w(x,y,z,t)  =  w0{x,y,t), 

where  w0,  v0  and  w0  are  the  in-plane  displacements  in  the 
x-,  y-  and  z-directions  and  6X  and  0y  are  the  rotations  of 


Fig.  1.  Plate  global  coordinate  system  (jc ,y,z)  and  associated  dis¬ 
placement  field 


normals  to  the  midplane  about  thej-axis  (anticlockwise) 
and  x-axis  (clockwise),  respectively.  The  functions 
w* ,  u*,  0*  and  0*  are  higher-order  terms  in  the  Taylor 
series  expansion,  defined  also  in  the  midplane  of  the  plate. 

As  for  the  constitutive  relations,  considering  a  plane 
stress  analysis  and  a  linear  elastic  material,  it  can  be 
shown  that,  for  a  laminae  of  orthotropic  material  in  the 
(1,2,3)  coordinate  system  (Fig.  2),  the  stress-strain  re¬ 


lation  is 

<7(1. 2.3)  —  Qfi(  1.2.3)  (2) 

with  the  following  constitutive  matrix: 

8  a4  -  oLy  0  0  0 

p  «4-«3  8  -  2  0<2  0  0  0 

Q  =  —  0  0  a8  —  09  0  0 

8a°  0  0  0  a8  +  a9  0 


[  0  0  0  0  A(8-a2  — 3a3  -a4)J 

(3) 

The  non-dimensional  parameters  in  Eq.  (3)  are  defined 
as  [5,21] 

a2  =  4  —  4E2/E\ , 

0C3  =  1  T  (1  —  2v\2)E2/Ex  —  4gC()G\2/E\  , 

o<4  =  1  +  (1  +  6vX2)E2/E\  —  4(X{)G\2/ E\ ,  (4) 

a8  =  4(Gi3  +  G22)<Xq/E\, 
ct9  =  4(Gi3  —  G23)ao/£'i, 

where  a0  =  1  -  v]2E2/E\  and  Eu  E2  are  Young’s  mod¬ 
ulus  in  (1, 2)-direction  (Fig.  2),  G12,  G23  and  Gj3  are  the 
transverse  shear  modulus  in  planes  1-2,  2-3  and  1-3  (3 
perpendicular  to  1-2  plane),  respectively,  and  vj2  is  the 
major  Poisson’s  ratio. 

The  inverse  relations  of  Eq.  (4)  can  be  written  as 
E2/E\  =  (4  -  a2)/4, 

G\2/E\  =  (8  -  a2  -  3a3  -  a4)/(16a0), 

V12  =  (04  -  a3)/(8  -  2a2), 

G\2/E\  =  («8  +  0C9)/ (8ao) , 

Gr$/ E\  =  (a8  —  a9)/(8ao), 

«0  =  1  -  ((«4  -  «3)2/(16(4  -  a2)))- 


Fig.  2.  Orthotropic  material  laminae;  principal  (1,2)  and  global  (*,y) 
coordinate  system. 
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For  a  laminae  in  the  (x,y,z)  coordinate  system  (Fig.  2), 
the  stress-strain  relations  are 


_  Ei 

°W A  ~  gao  c  '  fi0w)> 

where 
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026 
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0 
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with 

c\\  =  8  -  a2(l  —  cos  20)  -  a3(l  -  cos  40), 
cn  =  a4  -  a3  cos  40, 


c\e  =^a2  sin  20  +  a3  sin  40, 

c22  =  8  -  a2(l  +  cos  20)  -  a3(l  —  cos  40), 

c26  =  ^a2  sin  20  —  a3  sin  40, 


C44  =  a8  —  a9  cos  20, 


c45  =  a9  sin  20, 


c55  =  ocg  -h  a9  cos  20, 

c66  =  ~  (8  -  a2  -  a3  -  a4)  -  a3  cos  40. 


(6) 


(7) 


(8) 


Assuming  small  displacements  and  using  Hamilton’s 
variational  principle  along  with  an  eight  node  isopara¬ 
metric  plate  element  with  nine  degrees  of  freedom  per 
node,  corresponding  to  the  nine  expansion  terms  in  the 
displacement  equation  (1),  we  obtain  the  following 
equilibrium  equation  for  free  harmonic  vibrations  at  the 
element  level: 


Kea*  -  A*Mea*  =  0, 


(9) 


where  Ke  and  Me  are  the  element  stiffness  and  mass 
matrices,  respectively,  and  af  are  the  eigenvectors  asso¬ 
ciated  to  the  eigenvalues  X%  at  the  element  level.  Second 
degree  serendipity  shape  functions  were  used  to  inter¬ 
polate  the  displacement  field  within  an  element  [22]. 

The  equilibrium  equation  for  the  whole  discretised 
plate  assumed  free  in  space  is  therefore  [23] 


(K  +  jSM)a,  -  (Xt  +  j?)Ma f  =  0,  (10) 

where  K  and  M  are  the  stiffness  and  mass  matrices  of 
the  plate,  and  a,  the  eigenvector  associated  to  the  nu¬ 
merical  eigenvalue  kh  In  order  for  the  stiffness  matrix 
to  be  positive  definite,  a  shift  /? M  is  applied  to  it 
(usually  /?  is  of  the  same  magnitude  as  the  first  non¬ 
zero  eigenvalue). 


3.  Experimental  method 

The  experimental  eigenfrequencies  of  a  completely 
free  plate  are  obtained  using  the  experimental  setup 
shown  in  Fig.  3. 

In  practice  a  truly  free  support  cannot  be  provided. 
However,  a  suspension  which  closely  approximates  this 
condition  can  be  achieved  by  supporting  the  test  plate 
on  light  elastic  bands  so  that  the  rigid  body  modes  have 
very  low  natural  frequencies  in  relation  to  those  of  the 
bending  modes.  These  elastic  bands  were  simply  glued  to 
the  plate  edge  (approximately  at  the  mid  points  of  two 
neighbour  edges). 

The  simplest  and  fastest  way  to  excite  the  vibration 
modes  of  a  plate  is  the  impulse  technique,  so  a  hand  held 
hammer  was  used  to  impact  the  plate  and  the  force 
transducer  attached  to  the  hammer  head  measures  the 
input  force. 

A  condenser  microphone  was  used  to  measure  the 
plate  response.  The  microphone  is  placed  in  a  small 
table  stand  perpendicular  to  the  plate. 

The  analog  signals  from  the  impact  hammer  and 
microphone  were  fed  into  a  dual  channel  signal  analyser. 
Both  signals  are  low-pass  filtered,  sampled  and  subjected 
to  appropriate  time  weighting  functions.  The  weighting 
is  important  in  order  to  reduce  noise  and  avoid  a  leak¬ 
age  error  caused  by  the  truncation  of  the  sampled  time 
signal.  The  signals  are  fast  Fourier  transformed  and 
divided  to  obtain  the  frequency  response  function 
(FRF).  All  of  these  steps  are  handled  by  the  signal 
analyser. 

The  digital  process  described  above  results  in  a  dis¬ 
crete  spectrum  which  contains  a  finite  number  of  values 
for  the  FRF.  The  FRF  is  generally  a  complex  valued 
function  and  a  peak  usually  indicates  the  presence  of  a 
natural  frequency,  however,  the  frequency  of  maximum 
response  is  not  an  accurate  estimate  of  the  natural  fre¬ 
quency.  First  of  all,  the  spectrum  is  discrete  with  a 
certain  resolution  and  the  peak  value  may  not  rely  en¬ 
tirely  on  a  single  point.  The  second  most  serious  reason 
is  that  neighbouring  modes  contribute  a  certain  amount 
to  the  total  response  at  the  resonance  of  the  mode  being 
analysed.  Finally,  the  third  reason  is  that  the  values  of 
the  FRF  include  damping,  which  affects  slightly  the 
resonant  frequencies.  To  deal  with  these  problems, 


Fig.  3.  Schematic  representation  of  experimental  setup. 
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refined  modal  analysis  methods  have  been  developed.  In 
this  work  the  rational  fraction  polynomial  (RFP) 
method  as  described  in  [24]  was  used  for  the  curve  fitting 
process  on  a  personal  computer  suited  with  an  interface 
card. 


4.  The  identification  method 

The  problem  of  identifying  mechanical  properties  of 
composite  plate  specimens  involves  the  comparison  of 
the  experimental  results  described  in  the  previous  sec¬ 
tion  with  the  results  produced  by  the  numerical  method. 
In  a  laminate  made  out  of  M  different  materials  the 
mechanical  properties  that  are  to  be  identified  for  ma¬ 
terial  i  are  E\,  E\,  (?J2,  v*,2,  G'23  and  (713.  The  experi¬ 
mental  results  that  are  used  in  this  process  are  the  first  / 
natural  frequencies  of  the  free  plate. 

This  problem  is  solved  using  optimisation  techniques 
by  minimising  an  error  estimator  <I>,  which  expresses  the 
difference  between  the  response  of  the  numerical  model 
and  the  corresponding  experimental  results.  In  Fig.  4,  a 
schematic  representation  of  the  identification  method  is 
presented,  where  index  k  represents  the  current  iteration 
and  re  represents  the  experimental  response: 

re  =  {lu...,  A,}7,  (11) 

where  A,-  =  otf  are  the  experimental  eigenvalues  and  /  is 
the  total  number  of  measured  experimental  eigenfre- 
quencies. 

The  response  of  the  numerical  model  is 
f(p)  =  {Ai,. . . ,  A/}t,  where  A,-  =  co ?  are  the  eigenvalues 
obtained  through  this  model  and  p  is  the  vector  of  de¬ 
sign  variables: 

p  =  {a|T,...,awT}T,  (12) 

in  which  o?  contains  the  non-dimensional  material  pa¬ 
rameters  for  material  i9 


Measurement 

Error 


p  (optimum) 


Fig.  4.  Schematic  representation  of  the  identification  method. 


«'  —  {*!»•••  >afi}T-  O3) 

The  non-dimensional  material  parameters  for  material  i 
are  defined  using  Eq.  (4): 

3=3 /%> 

3  =  3 

5=ar  (i4) 

a4  =  a4> 

3  -  0*8, 

3  =  «9- 

It  should  be  noted  that,  in  Eq.  (14),  the  superscript  /  was 
added  to  the  non-dimensional  parameters  of  Eq.  (4) 
with  the  purpose  of  referencing  the  different  materials  in 
the  laminate.  In  Eq.  (14),  °E\  is  the  initial  guess  for  the 
longitudinal  Young’s  modulus  of  material  /. 


4.1.  Error  measure 


In  order  to  establish  an  effective  comparison  between 
experimental  results  and  the  response  of  the  numerical 
model  it  is  necessary  to  define  an  error  measure  that,  in 
general,  can  be  of  the  following  form  [25]: 

<D  =  (rc  -  f(p))TWr(re  -  f(p))  +  (p(0)  -  p)TWp(p<°>  -  p). 

(15) 

The  weighting  matrix  Wr  expresses  the  confidence  on  the 
measured  natural  frequencies  while  the  weighting  matrix 
Wp  takes  into  consideration  the  reliability  of  the  initial 
estimate  p(0).  Of  the  two  terms  in  Eq.  (15),  the  first  one 
represents  the  gap  between  the  model  response  and  the 
experimental  one  and  the  second  one  represents  the 
deviation  between  the  initial  guess  for  the  non-dimen¬ 
sional  parameters  and  the  real  parameters  that  are  to  be 
determined.  Each  one  of  these  terms  is  an  L2  error  es¬ 
timator,  weighted  by  Wr  and  Wp. 

For  the  sake  of  simplicity  it  was  decided  to  use  only 
the  first  term  of  Eq.  (15),  with  Wp  —  0  and  with  the 
following  response  weighting  matrix: 


Wr  = 


■vvi/Af 


hv/A/2  J 


(16) 


in  which  w,  C  [0, 1]  are  weighting  factors  that  express  the 
confidence  level  in  each  eigenfrequency  /,  the  error 
measure  in  Eq.  (15)  can  be  rewritten  as 

*  ^(vi  «i7> 

Eq.  (17)  can  easily  be  identified  as  a  weighted  least- 
squares  error  estimator. 
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4.2.  The  minimisation  problem 

The  problem  of  identifying  mechanical  properties  of 
composite  materials  can  be  formulated  as  a  minimisa¬ 
tion  problem: 


algorithm  was  made  by  one  very  important  reason:  the 
objective  function  cannot  be  defined  at  infeasible  points, 
since  the  stiffness  matrix  is  only  positive  definite  at  in¬ 
terior  points. 


min  O(p)  ^  0 

s.t.  g(p)^0,  (18) 

P'<P<P", 

where  p  and  p"  are  the  side  constraints  on  the  design 
variables  p ,  g  is  the  vector  of  the  imposed  constraints  on 
the  design  variables  in  order  for  the  constitutive  matrix 
for  each  material  in  Eq.  (3)  to  be  positive  definite  [5,21], 

g=  {glT,  -  -  - ,  g^T}  ,  (19) 


4.3.  Sensitivity  analysis 

The  minimisation  described  in  the  previous  section 
demands  the  sensitivities  of  the  objective  function  d>. 
Sensitivity  analysis  consists  in  determining,  for  a  given 
perturbation  <5p  in  the  design  variables,  the  variation  5<t> 
of  the  objective  function: 

eo 

^0  =  — -^p.  (23) 


in  which  g1  are  the  vectors  that  contain  the  six  con¬ 
straints  associated  with  material  i. 


g'  =  , 

with  the  following  components: 

S\  =  -«'n 


8l==i 


«3=‘ 


a'2  —  4’ 

8  -  of,  —  3d, 


—  16a), 


(20) 


If  we  differentiate  Eq.  (17)  with  respect  to  p  we  obtain 


(24) 


The  problem  of  sensitivity  evaluation  is  therefore  re¬ 
duced  to  the  evaluation  of  the  derivatives  of  the  eigen¬ 
values  Xi  in  order  to  design  variables  p.  From  the 
equilibrium  equation  (10)  (with  /?  =  0)  it  is  possible  to 
obtain  the  components  of  62z/6p  (with  the  eigenvectors 
az  mass-normalised): 


1X4  -  a'3 

(21) 

(  0K 

,  0M 

8  -  2otl2 

V4-o?2 

dPj  ‘ 1 

V9 Pj 

Ai9 Jj 

(25) 


8$ 


86  = 


-8a'  ’ 

«5+«6 

— 8aj, 


which  can  be  expressed  in  terms  of  the  physical  con¬ 
stants: 


8i  0£<  ’ 


In  the  present  case  the  mass  matrix  does  not  depend  on 
the  design  variables,  hence 


0A ,  T  0K 

—  =  a  — a, 
dPj  '  dPj  1 


(26) 


It  is  desirable,  for  the  sake  of  computational  efficiency, 
to  evaluate  Eq.  (26)  at  the  element  level,  adding  the 
contribution  of  all  the  elements: 


&=£2-e\, 


S3  =  “ 


^12 
E\  ’ 


84  =  K2I  -  yfi/i, 


85 


86  = 


&23 

E\  ’ 


G\ 


13 


(22) 


The  minimisation  problem  formulated  above  is  solved 
using  non-linear  mathematical  programming  tech¬ 
niques.  To  carry  out  the  constrained  minimisation  a 
feasible  directions  non-linear  interior  point  algorithm  de¬ 
veloped  by  Herskovits  [26]  is  used.  The  choice  of  this 


9 Pj 


e=\ 


9Ke 
9 Pj 


(27) 


where  NE  is  the  total  number  of  elements  in  which  the 
plate  is  discretised. 

The  evaluation  of  the  derivatives  of  the  element 
stiffness  matrix  is  performed  analytically,  considering 
that  only  the  elasticity  matrices  depend  on  the  design 
variables. 

Results  showing  the  quality  of  sensitivities  for  a  plate 
made  up  of  two  different  materials  have  been  published 
by  Araujo  et  al.  [27],  These  results  show  that  the  tech¬ 
nique  described  here  can  be  applied  with  confidence  in 
the  optimisation  of  material  parameters  of  composite 
materials. 
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Table  i 

Experimentally  measured  frequencies  (Hz)  and  residuals  (%)  obtained  after  identification  for  specimens  in  Example  1 


/ 

1 

2 

3 

4 

5 

6 

7 

8 

9 

10 

11 

12 

13 

Sl.l 

1 »; 

125.05 

203.50 

331.30 

446.65 

493.55 

603.80 

650.75 

818.70 

951.35 

990.65 

1256.75 

1343.80 

- 

0.09 

-0.05 

0.14 

0.15 

-0.07 

0.06 

0.06 

-0.14 

-0.10 

-0.11 

0.00 

0.14 

- 

SI. 2 

C bj 

167.70 

198.65 

414.20 

480.70 

_ 

633.90 

738.50 

909.20 

1016.5 

1176.3 

1300.60 

1388.70 

1418.70 

Vi 

-0.03 

-0.07 

0.02 

0.02 

- 

0.07 

0.02 

0.10 

-0.07 

0.03 

-0.01 

-0.10 

0.02 

SI. 3 

ft); 

129.85 

218.70 

_ 

395.10 

459.75 

630.45 

722.20 

878.50 

1000.20 

1026.50 

1167.40 

1261.05 

1402.00 

n 

0.07 

-0.28 

- 

0.24 

0.45 

-0.07 

0.50 

-0.53 

-0.07 

0.19 

-0.03 

0.25 

-0.57 

SI. 4 

ft); 

137.65 

221.50 

403.05 

430.75 

472.90 

642.45 

758.30 

879.50 

1035.30 

1119.40 

1250.30 

1340.00 

- 

n 

0.01 

-0.01 

0.02 

-0.03 

-0.04 

0.12 

0.03 

-0.04 

-0.02 

-0.04 

-0.03 

0.03 

- 

5.  Applications 

The  following  examples  illustrate  the  application  of 
the  method  described  in  the  previous  sections.  For  each 
example  the  experimental  eigenfreqencies  are  presented, 
as  well  as  the  corresponding  percentage  residuals  at  the 
optimum: 


'  /  —  -  V - / 

03  i 

Each  identification  set  of  results  is  compared  with  strain 
gauge  measurements. 

It  is  assumed  that  weight  factors  w,  =  1  were  used  in 
all  examples,  except  otherwise  specified.  A  12  x  12  finite 
element  mesh  is  used  for  all  the  examples. 

Example  1.  Four  IM7  carbon  fibre  reinforced  epoxy 
resin  977-2  (Fiberite)  plate  specimens  (S),  made  of  uni¬ 
directional  fibres  with  a  nominal  thickness  of  0.135  mm 
for  60%  Vf,  with  stacking  sequences 

•  [45°3,  0°3,  -45°3,  90°3]s  (SKI), 

•  [45°,  0°,  -45°,  90°,  45°2,  0°2,  -45°2,  90°2]s  (S1.2), 

•  [45 °4,  -45°4,  0°3,  90°]s  (SI. 3)  and 

•  [45°3,  — 45°3,  0°5,  90°]s  (SI. 4) 

were  studied.  The  specimens  dimensions  and  masses  are: 

•  Sl.l:  a  =  210.5  mm,  6  =  311  mm,  6  =  3.06  mm, 
m  =  0.3225  kg; 

•  SI. 2:  a  —  210.5  mm,  6  =  311  mm,  6  =  3.07  mm, 

m  =  0.3232  kg; 

•  SI. 3:  a  =  210  mm,  6  =  311  mm,  6  =  3.04  mm,  m  — 

0.320  kg; 

•  S1.4:  a  =  210.5  mm,  6  =  310.5  mm,  6  =  3.09  mm, 
m  =  0.3252  kg. 

The  initial  guess  for  the  elastic  constants  corresponds  to 
a  typical  unidirectional  layer  of  carbon  fibre  reinforced 
epoxy  resin  with  50%  Vf: 

%  =  1 17.2  GPa,  %  =  8.8  GPa, 

°G12  =  °G23  =  °G,3  =  3.1  GPa,  °v12  =  0.35. 

In  Table  1  it  can  be  seen  that,  for  specimens  SI. 2  and 
SI. 3,  there  are  some  experimental  frequencies  that  were 


not  detected.  So,  the  weighting  factor  associated  with 
these  were  w,  =  0. 

Identification  results  are  presented  in  Table  2  along 
with  strain  gauge  test  results  on  specimens  with  unidi¬ 
rectional  layers  made  of  the  same  material.  All  the 
identified  properties  are  in  good  agreement  with  the 
tensile  test  results,  except  for  the  major  Poisson’s  ratio 
Vj2,  whose  values  present  a  pronounced  oscillation  and 
do  not  agree  satisfactorily  with  the  strain  gauge  test 
results. 

Example  2.  Two  E  glass  fibre  reinforced  epoxy  resin 
R368  (Structil)  plate  specimens  (S),  made  of  unidirec¬ 
tional  fibres  with  a  nominal  thickness  of  0.130  mm  for 
60%  Vf,  with  stacking  sequences  [(0°,  90°)2,  90°,  0°,  90°]s 
(S2.1)  and  [0°2,  90°2,  0°2,  90°]s  (S2.2)  were  studied.  The 
specimens  dimensions  and  masses  are: 

•  S2.1:  a  =  191  mm,  6  =  283  mm,  6  =  2.89  mm,  m  = 
0.2571  kg; 

•  S2.2:  a  =  191  mm,  6  =  282  mm,  6  =  2.87  mm,  m  = 
0.2511  kg. 

The  initial  guess  for  the  elastic  constants  corresponds  to 
a  typical  unidirectional  layer  of  E  glass  reinforced  epoxy 
resin  with  50%  Vf: 

%  =  45  GPa,  %  =  4.5  GPa, 

°G i2  =  °G23  =  °G13  -  3.7  GPa,  °vl2  =  0.28. 

Identification  results  are  presented  in  Table  3.  Some 
tensile  test  results  are  presented  and  compared  with 

Table  2 


Identified  properties  and  strain  gauge  results  for  Example  1  (modulus 
in  GPa)a 


Specimen 

Sl.l 

SI. 2 

SI. 3 

SI. 4 

Strain 

gauge 

Ex 

161.1 

162.3 

164.8 

159.6 

170±  1(T), 

1 50  ±  5(c> 

e2 

9.3 

8.9 

9.6 

9.8 

I0±1<T> 

Gx  2 

6.8 

6.0 

6.8 

6.2 

5.8 

Gx  3 

3.1 

2.4 

2.6 

3.0 

- 

G23 

3.2 

2.4 

1.4 

4.4 

- 

V12 

0.166 

0.249 

-0.036 

0.264 

0.35 

a(T)  ^  Tension;  (C)  -  compression. 
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Table  3 

Identified  properties  for  Example  2  (modulus  in  GPa) 


Specimen 

S2.1 

S2.2 

Ei 

28.8 

29.4 

e2 

8.6 

7.2 

G\1 

2.7 

2.7 

G,  3 

3.9 

1.3 

G23 

3.9 

1.3 

V12 

0.287 

0.407 

Table  4 

Comparison  between  identified  and  tensile  global  Ey  (GPa)  for  Ex¬ 
ample  2 

Specimen 

Identified 

Tensile  test 

S2.1 

20.3 

22.5 

S2.2 

17.0 

17.5 

global  identified  results  in  Table  4.  The  global  identified 
mechanical  properties  are  obtained  using  the  procedure 
described  in  Appendix  A. 

The  values  obtained  in  this  example  for  the  me¬ 
chanical  properties  are  in  relatively  good  agreement  with 
each  other,  except  for  the  major  Poisson’s  ratio  vi2  and 
the  transverse  shear  modulus  Gu  and  G23.  A  good 
agreement  is  obtained  between  the  global  identified  and 
the  tensile  test  results,  with  very  low  residual  level  as 
shown  in  Table  5. 

Example  3.  A  mixed  glass/carbon  (g/c)  fibre  reinforced 
epoxy  plate  specimen  with  plies  made  of  unidirectional 
fibres,  respectively,  of  E  glass  in  a  R368  resin  (Structil) 
with  a  nominal  thickness  of  0.130  mm  for  60%  Vf  and 
T300  carbon  fiber  in  an  epoxy  resin  R367  (Structil)  with 
a  nominal  thickness  of  0.327  mm  for  60%  Vf,  with  a 
stacking  sequence  [0°c,  90°g,  0°c,  90°2g,  0°c,  90°g]s  was 
studied.  The  specimen  dimensions  and  mass  are: 

•  a  =  192.5  mm,  b  =  292  mm,  h  —  3.83  mm,  m  — 

0.3369  kg. 

The  prepregs  used  to  build  these  specimens  are:  Structil 
200  g/m2  VEE220  R368  for  glass  plies  and  Structil  350  g / 
m2  CTE235  R367  for  carbon  plies.  Hence,  the  initial  guess 
for  the  elastic  constants  of  the  glass  plies  corresponds  to  a 
typical  layer  of  this  unidirectional  glass  with  50%  Vf: 

°EX  =  45  GPa,  °E2  =  4.5  GPa, 

°Gn  =  °G23  =  °G13  =  3.7  GPa,  °v12  =  0.28, 


while  the  initial  guess  for  the  elastic  constants  of  the 
carbon  plies  corresponds  to  a  typical  layer  of  this  uni¬ 
directional  carbon  with  50%  Ff: 

°£j  =  1 17.2  GPa,  °E2  =  8.8  GPa 

°G12  =  °G23  =  °G13  =  3.1  GPa,  °v12  =  0.35. 

The  first  step  was  to  obtain  the  global  properties  of  the 
specimen,  using  in  the  numerical  model  only  one 
equivalent  single  layer  (ESL). 

The  second  step  was  to  calculate  the  fibre  volume  for 
carbon  and  glass  plies  as  well  as  the  epoxy  matrix  vol¬ 
ume,  using  the  nominal  and  actual  thickness  of  the 
specimen  and  data  available  from  Structil.  With  the 
obtained  data  it  is  then  possible  to  estimate  the  correct 
thickness  for  each  material  ply,  as  well  as  relative  den¬ 
sities,  based  on  the  assumption  that  the  epoxy  matrix 
distribution  is  proportional  to  the  nominal  thickness  of 
each  layer. 

Finally  a  complete  model  (CM)  of  the  plate  specimen 
was  used  in  order  to  identify  the  properties  of  each 
material  layer. 

Results  for  global  properties  using  the  ESL  and  the 
CM  are  presented  in  Table  6,  while  individual  layer  re¬ 
sults  are  presented  in  Table  7. 

The  measured  natural  frequencies  and  residuals  ob¬ 
tained  after  identification  for  the  two  described  situa¬ 
tions  are  presented  in  Table  8. 

It  can  be  seen  that  the  identified  Ex  for  the  ESL  model 
is  quite  good  when  compared  with  the  equivalent  one 
determined  through  tensile  testing  of  a  specimen  using  a 
strain  gauge.  Concerning  the  results  for  the  CM,  the 
values  of  the  global  Ex ,  which  were  calculated  using  the 
identified  properties  for  each  layer  in  accordance  with 
the  procedure  described  in  Appendix  A,  present  a  worst 
agreement  with  the  tensile  test  results  than  those  ob¬ 
tained  through  the  global  model  (ESL).  We  think  that 
this  is  due  to  the  uncertainties  in  determining  the  correct 
thickness,  and  consequently  the  matrix  and  fibre  volume 
distribution  of  the  glass  and  carbon  plies  on  hybrid 
composite  panels,  that  affect  the  ply  elastic  properties 
and  density. 

Although  one  could  conclude  that  the  number  of 
experimental  natural  frequencies  is  not  enough  for  the 
12  design  variables  involved,  it  can  be  seen  in  Fig.  5  that 
this  might  not  be  the  case. 


Table  5 

Experimentally  measured  frequencies  (Hz)  and  residuals  (%)  obtained  after  identification  for  specimens  in  Example  2 


/ 

1 

2 

3 

4 

5 

6 

7 

8 

9 

10 

11 

12 

S2.1 

COi 

72.78 

121.00 

191.38 

286.78 

315.12 

340.40 

400.12 

433.84 

634.81 

653.56 

712.43 

789.97 

n 

0.27 

-0.24 

0.04 

0.04 

-0.04 

0.11 

-0.08 

-0.25 

-0.35 

0.30 

0.03 

0.15 

S2.2 

COi 

72.22 

108.57 

182.73 

293.94 

308.74 

343.48 

369.41 

442.62 

586.17 

623.61 

649.79 

845.90 

n 

0.08 

-0.48 

0.00 

0.32 

-0.10 

0.30 

0.18 

-0.23 

0.13 

-0.20 

-0.04 

0.02 
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Table  6 

Identified  global  properties  using  ESL,  CM  and  strain  gauge  results  for 
Example  3  (modulus  in  GPa) 


Identified 

(ESL) 

Identified 

(CM) 

Strain  gauge 

Ex 

76.2 

69.7 

77.0 

Ey 

15.3 

20.7 

- 

GXy 

3.7 

4.0 

- 

Gxz 

1.8 

1.8 

- 

Gyz 

3.3 

3.4 

- 

0.183 

0.132 

0.15-0.17 

Table  7 

Identified  properties  (CM)  in  Example  3  (modulus  in  GPa) 


Ply  type 

Glass 

Carbon 

Ex 

43.1 

103.3 

e2 

4.6 

8.7 

G\2 

3.8 

4.1 

G\ 3 

3.7 

1.0 

G23 

3.4 

3.2 

V)2 

0.280 

0.402 

Table  8 


Experimentally  measured  frequencies  and  residuals  obtained  after 
identification  through  ESL  and  CM  for  Example  3 


i 

co,  (Hz) 

rt  (ESL;  %) 

r,  (CM;  %) 

1 

112.40 

0.02 

0.01 

2 

316.25 

0.05 

0.05 

3 

337.75 

-0.13 

-0.13 

4 

392.70 

-0.01 

-0.01 

5 

401.05 

-0.08 

-0.08 

6 

650.85 

0.04 

0.04 

7 

881.90 

-0.00 

-0.01 

8 

907.75 

0.19 

0.19 

9 

933.45 

-0.27 

-0.27 

10 

977.95 

0.00 

0.00 

11 

1160.15 

0.07 

0.07 

12 

1177.30 

0.15 

0.15 

13 

1623.80 

-0.02 

-0.02 

14 

1713.55 

-0.21 

-0.21 

15 

1754.30 

0.61 

0.61 

16 

1775.40 

-0.40 

-0.40 

17 

1814.45 

0.22 

0.22 

18 

1947.54 

-0.14 

-0.13 

19 

2007.40 

0.21 

0.21 

20 

2356.90 

-0.34 

-0.34 

6.  Conclusions 

A  non-destructive  numerical-experimental  method 
for  the  identification  of  up  to  six  elastic  constants  per 
material  on  composite  plate  specimens  made  up  of  dif¬ 
ferent  materials  has  been  discussed.  The  method  is  based 
on  a  numerical  higher-order  finite  element  model,  using 
analytical  sensitivities,  as  well  as  on  experimental  non¬ 
destructive  free  vibration  analysis. 


No.  of  experimental  frequencies  used 

Fig.  5.  Example  3,  complete  model:  graph  showing  the  dependence  of 
global  Ex  with  respect  to  the  number  of  experimental  frequencies  used. 


The  mechanical  properties  evaluated  through  this 
technique  are  valid  on  average  for  the  entire  specimen, 
whereas  the  classical  tensile  test  measurements  are  only 
valid  in  a  specific  point  of  the  test  specimen. 

The  mechanical  properties  E\ ,  E2  and  Gl2  are  always 
evaluated  without  major  discrepancies  in  single-material 
plates. 

As  for  the  transverse  shear  modulus  G 13  and  G23, 
the  plates  tested  in  this  work  are  not  thick  enough  for 
them  to  be  correctly  identified.  Thus,  the  identified 
values  of  the  transverse  shear  modulus  can  be  disre¬ 
garded  as  the  sensitivity  to  these  modulus  is  very  low. 
As  for  the  major  Poisson’s  ratio  v12,  some  discrepan¬ 
cies  are  found  in  the  test  cases.  This  can  be  explained 
if  we  consider  the  results  of  a  sensitivity  analysis  car¬ 
ried  out  by  Frederiksen  [5],  according  to  which  the 
sensitivity  of  v!2  is  very  small  when  compared  to  the 
sensitivities  of  the  other  in-plane  mechanical  proper¬ 
ties.  This  is  specially  pronounced  for  the  most  strongly 
anisotropic  specimens  presented,  as  can  be  seen  in 
specimen  SI. 3. 

Regarding  the  identification  of  mechanical  properties 
in  composite  plates  made  up  of  layers  with  different 
materials,  more  tests  are  required  in  order  to  explain  the 
discrepancies  found. 

Finally,  the  non-linear  interior  point  algorithm  used 
in  the  optimisation  phase  proved  to  be  very  robust  and 
efficient.  The  CPU  times  involved  in  the  overall  process 
of  identification  are  of  the  order  of  10-20  min  using  a 
personal  computer  equiped  with  a  450  MHz  Pentium  II 
processor  and  128  MB  RAM. 
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Appendix  A 


The  global  properties  of  a  laminate,  in  the  (x,y,z) 
coordinate  system,  can  be  obtained  using  the  procedure 
described  herein  [19,21]. 

Let  C  be  the  matrix  that  relates  membrane  and 
transverse  shear  forces  with  the  corresponding  mem¬ 
brane  deformations  and  distortions: 


(A.1) 


where  L  is  the  layer  number,  NL  the  total  number  of 
layers  and  hL  can  be  depicted  from  Fig.  6.  Matrix  c  is  the 
same  as  defined  in  Eqs.  (7)  and  (8). 

By  inverting  C  and  pre-multiplying  the  inverse  by  the 
thickness  of  the  laminate  we  obtain 


S  =  AC"1 


1  /Ex 

~Vxy/Ex 

0 

0 

tfxyXy/Gxy 

-Vyt/Ey 

1  /Ey 

0 

0 

tfyxy/Gxy 

0 

0 

1  /G> 

ftyz^zl  C*xz 

0 

0 

0 

V'xzyz!  Gyz 

\/Gxz 

0 

^Ixy^/Ex 

Ixyy/Ey 

0 

0 

1  /Gxy 

(A.2) 


where  Ex  and  Ey  are  the  global  Young  modulus  in  the  x- 
and  y-directions,  respectively,  Gxy ,  Gxz  and  the 
transverse  shear  modulus  in  planes  xy,  xz  and  yz,  re¬ 
spectively  and  and  are  Poisson’s  ratios  in  the  xy 
plane.  As  for  the  remaining  quantities,  they  are  the 
mutual  influence  and  Chentsov  coefficients  [21]. 
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Abstract 

The  problem  of  the  attenuation  of  the  vibration  effects  in  active  cantilever  beams  has  been  approached  by  two  strategies,  position 
and  velocity  control,  which  have  been  simulated  numerically  and  analysed  experimentally.  The  numerical  simulation  has  been 
developed  by  means  of  a  finite  element  approach  based  on  an  Euler-Bernoulli  model  and  subsequent  modal  factorisation.  Each 
device  as  well  as  each  electronic  circuit,  present  in  the  single-input  single-output  control  system  has  been  modelled  and  the  results  of 
the  numerical  simulations  have  been  compared  with  the  ones  obtained  in  the  experimental  tests.  A  good  correspondence  has  been 
obtained  in  all  the  examined  cases.  ©  2000  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Piezo-patch;  Position  control;  Velocity  control 


1.  Introduction 

The  attenuation  of  vibrations  is  a  problem  of  primary 
importance  in  many  engineering  fields,  among  which 
aerospace  applications.  In  the  past,  the  attainment  of 
the  desired  vibration  levels  was  pursued  by  increasing 
the  stiffness  and  the  mass  of  the  structure  with  respect  to 
the  initial  scheme  in  order  to  increase  the  damping  effect. 
However,  this  solution  implied  an  inevitable  rise  in  the 
weight  of  the  structure  causing  a  lot  of  heavy  draw¬ 
backs. 

From  some  years,  a  new  approach  of  this  problem 
has  been  considered.  In  this  one,  the  structure  is  seen  as 
a  system  with  disturbance  loads  applied  at  its  input. 
Then  the  problem  is  carried  out  in  the  form  of  a  control 
strategy:  the  reduction  of  the  undesired  output  effects  by 
means,  for  an  example,  of  a  classic  feedback  closed  loop 
with  its  sensing  and  actuating  devices.  Piezoelectric  de¬ 
vices,  as  in  particular  PZT  piezo-patches,  seem  very  at¬ 
tractive  to  carry  out  the  function  of  sensor  and  actuator. 
Referring  to  aforesaid  old  approach,  the  aim  of  reducing 
the  vibrations  may  now  be  reached  with  a  lower  increase 
of  weight. 

A  structure  in  which  the  damping  action  is  realised  by 
automatic  control  techniques  is  named  “controlled 
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structure”  and  it  is  a  particular  case  about  a  more 
general  class  named  “active  structures”,  for  which  either 
a  sensitive  or  an  actuative  component  is  present.  Con¬ 
siderable  research  activity  has  been  recently  focussed  on 
this  field  [1],  and  while  some  applications  are  already 
being  studied  and  simulated,  still  some  fundamental  is¬ 
sue  on  modelling  and  implementation  of  a  real  active 
structure  has  to  be  considered. 

Bailey  and  Hubbard  [2]  proposed  the  use  of  a  “poly 
vinylidene  fluoride”  patch  as  a  distributed  actuator  for 
controlling  the  vibrations  of  a  cantilever  beam. 

Hagood  et  al.  [3]  have  used  PZT  patches  to  couple  the 
structural  response  with  a  electrical  circuitry  which  can 
be  tuned  to  optimally  control  a  cantilevered  beam  test 
article.  The  Ritz-Galerkin  approach  is  used  for  the 
simulation  of  the  electro-mechanical  behaviour  of  the 
system. 

Hanagud  et  al.  [4]  formulated  a  control  technique 
based  on  the  minimisation  of  a  quadratic  performance 
index.  In  their  experimental  tests,  the  piezoelectric  sen¬ 
sor  was  electrically  connected  with  a  zero  input  imped¬ 
ance  circuit;  in  this  way  the  sensor  ideally  becomes  a 
pure  current  source. 

Denoyer  and  Kwaak  [5]  presented  a  theoretical  study 
and  experimental  results  by  using  surface  bonded  pi¬ 
ezoelectric  sensors  and  actuators,  and  by  proposing  a 
linear  quadratic  control  as  controlling  techniques. 

The  present  research  is  the  continuation  of  two  pre¬ 
vious  experimental  studies  [6,7]  by  the  same  authors. 
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These  last  ones  were  finalised  to  demonstrate  the  feasi¬ 
bility  of  the  vibration  suppression  in  aluminium  and 
composite  cantilever  beams  by  a  simple  single-input 
single-output  control  that  utilises  PZT  piezo-patches  as 
actuator  and  sensor.  Two  control  strategies,  that  are 
position  control  and  velocity  control,  were  tested  and 
compared  during  the  experimental  researches.  Their 
diversity  consists  in  the  different  way  by  which  the  ac¬ 
tuating  action  is  carried  out.  In  the  former  type  of 
control,  it  is  function  of  position  quantities  (the  rota¬ 
tions  of  the  extremities)  detected  by  the  piezo-sensor, 
whereas  in  the  latter,  the  actuation  depends  by  the  time 
derivative  of  the  same  quantities. 

In  the  present  work,  the  two  control  strategies  have 
been  numerically  simulated  and  experimentally  ana¬ 
lysed.  The  numerical  simulation  has  been  developed  by  a 
FEM  approach  based  on  an  Euler-Bernoulli  model  and 
modal  factorisation.  Each  device  and  electronic  circuit, 
present  in  the  single-input  single-output  control  system, 
have  been  modelled  and  the  results  of  the  numerical 
simulations  have  been  compared  to  those  ones  previ¬ 
ously  obtained  in  the  experimental  tests.  The  study  not 
only  offers  a  possible  numerical  approach  for  studying 
the  problem  but  also  allows  the  validation  of  the  theory 
with  experimental  results. 


2.  Finite  element  modelling 

Let  us  consider  the  laminated  cantilever  beam  of 
Fig.  1.  Two  identical  piezo-patches  are  perfectly  and 
symmetrically  attached  to  the  two  sides  of  the  isotropic 
(aluminium)  beam.  The  piezo-patch  on  the  upper  side  is 
utilised  as  an  actuator,  while  the  other,  in  the  lower  side, 
as  a  sensor.  Moreover,  an  accelerometer  and  a  disc,  the 
latter  with  a  diameter  of  few  millimetres  and  made  of 
ferromagnetic  material,  are  attached  in  proximity  of  the 
beam  tip,  respectively,  on  the  upper  and  lower  side.  The 
function  of  the  little  disc  is  to  interact  with  an  electro¬ 
magnetic  exciter  in  such  a  way  as  to  produce  a  bending 


a  y 


piezo-sensor 


Fig.  1.  Geometry  and  layout  of  the  active  cantilever  beam  (all  the 
measures  are  in  mm). 


load.  The  function  of  the  accelerometer  is  to  measure  to 
response  at  beam  tip  under  dynamic  load. 

An  Euler-Bernoulli  (EB)  model  is  considered  for  the 
finite  elements  analysis  of  the  whole  structure.  In  par¬ 
ticular  the  beam  section  between  the  two  piezo-patches 
is  modelled  as  a  laminated  beam,  while  the  remainder  as 
an  isotropic  beam.  Besides,  the  accelerometer  and  the 
bending  load  are  considered  as  a  concentrated  mass  and 
a  concentrated  load,  respectively,  located  and  applied  to 
the  beam  tip. 

2.7.  Beam  and  piezo-patches  finite  element 

Let  us  consider  the  laminated  beam  element  repre¬ 
sented  in  Fig.  2.  The  stacking  sequence  consists  of  two 
PZT  piezoelectric  layers  symmetrically  located  to  an 
aluminium  central  layer.  The  piezo-layers  have  isotropic 
and  linear  elastic  characteristics. 

From  an  electrical  point  of  view,  the  piezo-patch  is  a 
planar  capacitor  with  a  polarised  dielectric.  The  direc¬ 
tion  of  polarisation  is  normal  to  metal  plates  of  the 
capacitor  and  corresponds  to  z-axis  direction  as  shown 
in  Fig.  2.  When  a  voltage  is  applied  to  its  plates,  the 
piezo-patch,  because  of  the  converse  piezoelectric  effect , 
is  subjected  to  deformations  along  the  coordinate  axes. 
The  sign  of  these  deformations  depends  on  the  sign  of 
the  applied  voltage.  On  the  contrary,  if  the  piezo-patch 
is  mechanically  deformed,  a  voltage  can  be  measured 
across  the  metal  plates;  this  is  the  direct  piezoelectric 
effect,  since  an  EB  model  has  been  adopted  for  the  whole 
structure,  then  the  two  piezoelectric  effects  can  be,  re¬ 
spectively,  represented  by  the  following  relations: 

converse  =  +  —  V,  (2.1) 

Epz  tPZ 

direct  Dz  =  EpZdxze.x  +  —  V,  (2.2) 

tpz 

where  ex  and  ox  are,  respectively,  the  strain  and  stress 
components  along  v-axis,  E?z  and  tPZ  are  the  Young’s 
module  and  thickness  of  piezo-patch,  dxz  and  ezz  are  the 
piezoelectric  and  the  dielectric  constants  of  the  PZT 
material  and  V  is  the  voltage  across  the  metal  plates. 


A* 


fco 


-i -  /  - '  -  finite  element 

Fig.  2.  Laminated  beam  element  and  corresponding  finite  element. 
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Following  the  hypothesis  illustrated  in  [4],  if  no  external 
voltage  is  applied  to  the  piezo-patch,  the  second  term 
t-zzV/tvz  in  the  right-hand  side  of  the  equation  of  the 
direct  effect  (2.2)  can  be  neglected  being  much  smaller 
than  the  first  one.  As  a  consequence  of  this  simplifying 
hypothesis,  the  two  effects  can  be  considered  coupled 
only  in  the  converse  equation  (2.1)  and  not  in  the  second 
one  Eq.  (2.2). 

The  equilibrium  of  the  active  laminated  beam  element 
in  dynamic  condition  can  be  represented  by  principle  of 
virtual  works  in  the  following  way: 

Y  /  du, 

1=1  JVi 

+  Y  I  0/W(x,  0  d Vi  =  0.  (2.3) 

1=1 

In  Eq.  (2.3),  the  quantities  associated  to  the  generic  fth 
layer,  Zlx(x,z,t)  and  Glx{x,z,t),Wi{x,t)  and  p„  represent, 
respectively,  the  virtual  strain  and  the  stress  components 
along  the  x-axis,  the  virtual  normal  displacement  and 
the  density.  In  particular,  the  stress  components  are 
represented  with  the  next  equations,  which  incorporate 
Euler-Bernoulli  beam  hypothesis: 

alx(x,z,  t)  =  EPZzx{x,  t),  <j](x.  z,  t)  =  EAzy(x,  t), 

c\ (x,  z,  t )  =  Epzzx(x,  t)  -E?z-f-V (t) , 

tpz 

where  EA  and  %(x,  t)  are  the  Young's  module  of  the  al¬ 
uminium  layer  and  the  curvature,  respectively. 

On  the  basis  of  the  usual  finite  element  procedure,  the 
normal  displacement  w,(x,  t)  can  be  represented  in  terms 
of  nodal  displacement  and  shape  functions 

Wj{x,t)  =  [N(x)]{<5(/)}e  (2.4) 

with  {5(t)}J  =  {wi{t)  0,(0  Wj(t)  6j(t)}. 

The  relation  between  curvature  and  nodal  displace¬ 
ments  can  be  derived  from  Eq.  (2.4): 

xM  =  =  PtoKM}.-  (2-5) 

By  substituting  the  relations  (2.4)  and  (2.5)  into  the  re¬ 
lation  (2.3),  after  some  simplifications,  we  obtain  the 
final  relation  which  represents  the  dynamics  for  the 
present  element 

KeW)}e  +  Me«0L^n^).  (2-6) 

In  Eq.  (2.6),  the  [K]e  and  [M]e  and  {P}e  are  the  stiffness 
and  the  mass  matrices  of  element  and  the  piezoelectric 
local  load  vector,  respectively,  they  are  represented  by 
the  following  relations: 


Me  —  [Ppz(21  “  zo)  +  Pa(z2  “  Zl)  +  Ppz(z3  “  Zl)] 

x  J  [W]7^]  dx 

=  J/l«lT<u, 

where  pPZ  and  pA  are  the  densities  of  the  PZT  material 
and  aluminium,  respectively.  It  would  be  easy  to  add  a 
vector  of  nodal  forces  to  the  forcing  term  as  usually 
done  for  the  beam  as . in  the  next  section. 

2.2.  Beam  finite  element 

The  equation  of  the  dynamics  for  this  type  of  element 
is  obtained  in  a  way  analogue  to  the  previous  one 

W«{^W}e  +  MeW)}e=0,  (2.7) 

where 

[K]e=Ej^  j[B]J[B]dx 
and 

\M\t  =  Pa(z2  -  zi )  J  [N]T[N]  dx. 

The  global  equation  that  represents  the  dynamics  with¬ 
out  damping  of  the  whole  structure  is  obtained  by  an 
assembling  procedure  of  all  local  matrix  and  vectors; 
therefore  the  resultant  equation  is 

[M){d(t)}  +  [K]{S(t)}  =  {Fc}  +  {P}V(t).  (2.8) 

The  eigen-values  (a)k)  and  the  eigen-vectors  {{Wk})  can 
be  obtained  by  considering  the  eigen-equation  joined  to 
Eq.  (2.8)  and  after  the  fixed  end  constrain  conditions 
have  been  imposed  in  the  latter. 


3.  The  control  system  model 

The  block  diagram  of  the  vibration  control  system  is 
shown  in  Fig.  3.  As  it  can  be  noted,  it  is  a  typical  single¬ 
input  single-output  feedback  control  system.  The  feed¬ 
back  signal  is  generated  by  the  piezo-sensor.  Then  the 
signal  is  conditioned  by  an  ad  hoc  electronic  interface, 
subsequently  filtered  by  a  low  pass  filter.  The  signal  is  then 
amplifier  and  applied  to  the  piezo-actuator.  Depending 
on  the  type  of  signal  conditioning,  the  vibration  control 
can  be  realised  in  two  different  ways:  position  and  veloc¬ 
ity.  In  the  former  type  of  control,  the  actuating  action  is 
function  of  position  quantities  detected  by  the  piezo¬ 
sensor,  whereas  in  the  latter  the  actuation  depends  by  the 
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Low-pass  filter 


Fig.  3.  Experimental  set-up. 


time  derivative  of  the  same  quantities.  From  an  electronic 
point  of  view,  the  only  difference  between  the  two  types  of 
control  consists  in  the  employment  of  a  particular  con¬ 
ditioning  circuit:  a  charge  amplifier  for  position  control,  a 
current  to  voltage  converter  for  the  velocity  control. 

3.1.  The  charge  amplifier  model 

The  charge  amplifier  (see  Fig.  4),  described  in  detail  in 
[6,7],  is  a  circuit,  which  transforms  the  input  charge, 
generated  by  the  piezo-sensor,  in  a  proportional  output 
voltage. 

The  charge  measured  across  the  piezo-sensor  is  pro¬ 
portional  to  the  difference  between  the  rotations  of  left 
(9\)  and  right  (0r)  extremities  of  the  device,  which  can  be 
derived  by  integrating  the  relation  (2.2)  of  Section  2 

Q(t)  =  j  EPZdX2ex{t )  dS 

=  -Epzzbdxz[6r(t)  -  Q](t)}.  (3.1) 

In  Eq.  (3.1)  z  represents  the  normal  coordinate,  mea¬ 
sured  from  beam  axis,  of  a  generic  point  into  the  piezo¬ 
sensor,  whereas  h  is  the  width  of  the  metal  plates 
covering  to  the  same  device.  Following  the  conclusions 
of  Ref.  [4],  the  z-coordinate  is  fixed  at  a  value  equal  to  z2 
(see  Fig.  2)  which  represents  the  height  of  the  upper 
surface  of  the  aluminium  layer.  As  a  consequence  the 
relation  (3.1)  turns  into  (3.2). 

Q{t)  =  -EPZz2bdxz[0r(t)  -  (3.2) 


The  output  voltage  FCa  of  the  charge  amplifier  is  defined 
as  follows: 


Vca  (0-7^,  (3-3) 

where  Q  is  the  capacitance  of  the  feedback  capacitor  of 
the  operational  amplifier  (see  Fig.  4).  The  substitution  of 
Eq.  (3.2)  into  Eq.  (3.3)  allows  to  obtain  the  following 
relation  for  the  output  voltage  of  the  charge  amplifier: 

Vc^t)  =  bEI^z1[m_m]  (3.4) 


Eq.  (3.4)  can  be  easily  transformed  from  scalar  to  a 
vector  form  in  which  the  nodal  unknowns  of  the  finite 
elements  approach  appear  explicitly. 


FCaW  =  ^t^{0...1  0...-1  0...} 

Cf 


m 


=  Kca{^}TW)}- 


(3.5) 


3.2.  The  current  to  voltage  converter  model 

The  diagram  of  this  circuit  is  shown  in  Fig.  5.  Its 
function  is  to  transform  the  input  current,  or  in  other 
words,  the  time  derivations  of  the  charge  generated  by 
the  piezo-sensor,  in  a  proportional  output  voltage  VC\{t) 

V<y(t)  =  — ^jj-^cv,  (3-6) 

where  7?Cv  is  the  value  of  the  feedback  resistance  of  the 
operational  amplifier.  By  substituting  Eq.  (3.2)  into 
Eq.  (3.6),  the  output  voltage  for  this  interface  becomes 

Vq v(0  =  Epzzibdx:RQ\  —  [0r(t)  -  0\(t)].  (3.7) 

By  choosing  the  finite  element  mesh  in  a  such  a  way  that 
the  piezo-sensor  extremities  correspond  to  two  nodes  of 


Fig.  4.  Change  amplifier. 


Fig.  5.  Current  to  voltage  converter. 
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the  mesh,  Eq.  (3.7)  can  be  rewritten  from  scalar  to  a 
vector  form  as  follows: 

VcMt)  =  Enz2bdxzRcv{A}T  jt{S(t)} 

=  *cvMT{<5«}.  (3.8) 

3.3.  The  model  of  the  whole  control  system 

To  complete  the  representation  of  the  whole  control 
system,  it  is  necessary  to  include  the  system  damping.  In 
order  a  proportional  damping  in  the  Reyleigh  form  is 
considered  for  the  present  analysis 

[D]  =  *[M\+p[X\-  (3.9) 

Then,  the  complete  representation  is  obtained  by  in¬ 
troducing  the  damping  term  in  the  smart  structure  rep¬ 
resentation  (2.10)  and  considering  as  actuation  signal 
the  relation  (3.5)  for  the  position  control 

[M]W)}  +  [D]{«5(/)}  +  [^{,5(0} 

=  {^0}  +  Wca^TW)}  (3.10) 

or  the  relation  (3.8)  for  the  velocity  control. 

[W]W)}  +  P]{5(0}  +  [K]{«(0} 

=  m)}  +  {^}^cv{^}T{^w}-  (3-ii) 

An  approach  based  on  the  modal  analysis  is  convenient 
to  represent  the  response  of  the  control  system.  Let  us 
express  the  nodal  displacements  as  a  function  of  modal 
coordinates  qk{t). 

=  (3.i2) 

k 

where  { Wk }  is  the  generic  kth  eigen  vector. 

Using  the  usual  procedure  of  the  modal  analysis  and 
the  Fourier-transform,  we  can  represent  the  equation  of 
the  generic  kt h  mode  in  the  frequency  domain: 
for  the  position  control 

(-CD2  +j2(oCk(Dk  +  co2k)qk(co) 

-i(w>T{« 

+  {Wky  {P}Kck{A}t  {Wk}qk{(D))  (3.13) 


and  for  velocity  control 
(-CD2  +jlcD^kCDk  +  co2k)qk(co) 

=i({"'*>TK> 

+  jcD{Wk}T{P}KCA  {A  }T{  Wk}qk(co)).  (3.14) 

In  Eqs.  (3.13)  and  (3.14),  £(£)  is  the  damping  ratio  of  the 
kth.  mode  and  mk  =  {Wk}T [M]{Wk}  is  the  modal  mass.  At 
the  right-hand  side  of  both  Eqs.  (3.13)  and  (3.14)  the 
contribution  to  the  kth  mode  of  the  external  forces  and 
of  the  control  forces  is  present. 


4.  Comparison  between  numerical  simulation  and  exper¬ 
imental  tests 

In  the  following  the  description  of  the  experimental 
tests  is  briefly  recalled  for  the  convenience  of  the  reader 
and  described  in  details  in  Ref.  [6,7]. 

The  experimental  tests  have  been  carried  out  by  the 
experimental  set  up  shown  in  Fig.  3. 

Two  identical  PZT  devices  (type  QP10N  by  ACX 
Inc.)  with  the  principal  characteristics  indicated  in  Table 
1  have  been  used.  The  characteristics  of  the  aluminium 
beam  are  also  indicated  in  the  same  table.  The  posi¬ 
tioning  of  the  piezos  has  been  fixed  based  on  the  results 
presented  in  Ref.  [8],  where  the  optimal  positioning  of 
PZT  actuators  for  the  active  control  of  a  beam  is  dis¬ 
cussed.  Therefore,  the  positioning  of  the  piezo-actuator, 
with  the  dimensions  of  Table  1,  in  proximity  to  the 
fixed-end  appears  to  be  the  optimal  position  to  control 
the  damping  of  the  1st  and  2nd  mode. 

Besides  the  above  mentioned  ones  on  signal  condi¬ 
tioning,  the  feedback  loop  is  provided  of  the  following 
circuits: 

1.  A  low-pass  filter  whit  gain  GF  =  0  dB  and  bandwidth 
Rf  =  0  4-  800  Hz.  The  functions  of  this  circuit  are  to 
make  the  controlled  system  stable  and  to  limit  its  re¬ 
sponse  so  that  only  the  first  two  modes  can  be  ob¬ 
served. 

2.  An  inverting  power  amplifier  (type  1224/5  Quick 
Pack  by  ACX  Inc.)  with  adjustable  gain  in  the  range 
GPW  =  0  -4-  26  dB  and  bandwidth  £PW  =  0  -F  5  KHz. 


Table  1 


Principal  characteristics  of  the  aluminium  beam  and  piezo-patch 


Aluminium  beam 

PZ  QP10N 

E  (GPa) 

P  (kg/m3) 

59.7 

18.95 

2637 

5670 

Dim.  :  l  xw  x  t  (mm) 

160  x  25.4  x2 

50.8  x  25.4  x  0.381 

Piezo  wafer  size  (mm) 

- 

46  x  20.6  x  0.254 

dxz  (m/Y) 

- 

4.47  x  10“ 10 

Operating  voltage  (V) 

- 

0  to  ±  200 

Capacitance  (pF) 

- 

0.06 
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The  action  of  this  amplifier  is  necessary  because  the 
voltage  level  at  the  output  of  the  feedback  loop  is 
not  sufficient  for  driving  the  piezo-actuator. 

The  acceleration  at  the  beam  tip  has  been  assumed  as 
output  quantity  in  all  the  experimental  tests  and  has 
been  measured  by  an  accelerometer  (type  303A03  by 
PCB  Piezotronics).  The  accelerometer  signal  is  amplified 
by  an  opposite  electronic  interface,  obtaining  for  this 
transducer  a  global  sensibility  of  Sa.  —  10  mV/(m/s2). 

The  transfer  functions  detected  during  the  experi¬ 
mental  tests  have  been  measured  by  a  FFT  analyser 
(type  SD375  by  Scientific  Atlanta)  provided  of  two  input 
channels.  The  same  instrument  can  also  generate  a 
band-  limited  random  signal,  which  has  been  always 
used  as  input  in  all  the  tests.  This  signal  is  put  in  the 
exciter  (type  3930  by  Bruel  &  Kjaer)  after  it  has  been 
amplified  by  an  amplifier  (type  2712  by  Bruel  &  Kjaer). 

The  results  of  the  experimental  tests  for  the  three 
cases,  not-  controlled  system,  position  control  and  ve¬ 
locity  control  are  illustrated  in  Table  2.  As  the  not- 
controlled  and  position  control,  the  same  results  are 
reported  and  compared  in  the  graph  shown  in  Fig.  6. 
Considering  all  these  data,  it  is  possible  to  note  that  the 
best  control  action  is  performed  with  the  position  con¬ 
trol.  Indeed,  referring  to  the  levels  of  the  not-controlled 
system  response,  an  attenuation  of  17.1  dB  for  the  first 
mode  and  8.4  dB  for  the  second  mode  are  obtained  at 
the  resonance  frequency  with  this  control  modality, 
while  they  become  only  6.2  and  2  dB  with  velocity 
control.  Besides,  still  referring  at  values  of  the  not- 
controlled  system  response,  changes  of  the  two  reso¬ 
nance  frequencies  are  only  noted  for  the  position  control 
which  decrease  from  60  to  40  Hz  for  the  first  mode  and 
from  365  to  360  Hz  for  the  second  mode. 

The  damping  ratios  of  the  first  two  modes  have  been 
measured  during  the  experimental  tests,  which  have  al¬ 
lowed  to  find  the  following  values  in  the  case  of  not- 
controlled  system: 

1st  mode,  (i  =  0.01371, 

2nd  mode,  (2  =  0.00411. 

These  experimental  values  have  been  then  utilised  for 
the  identification  of  the  model  used  in  the  numerical 
simulation,  which  has  been  carried  out  based  on  three 
fundamental  steps.  First  all  the  matrixes  and  vectors  of 
the  finite  elements  formulation  are  evaluated. 


During  the  second  step  a  finite  element  procedure 
calculates  the  eigen  values  and  the  eigen  vectors,  then  it 
performs  the  modal  factorisation  by  utilising  these  data 
according  to  the  relations  (3.13)  and  (3.14).  The  modal 
damping  evaluated  in  the  experiments  are  then  included 
in  the  model. 

In  the  third  and  last  step  the  system  transfer  function 
H(co)  =  a(co)/Fc((jo)  are  calculated,  where  a(co)  and 
Fc{(»)  are,  respectively,  the  acceleration  and  the  bending 
load  at  beam  tip,  for  the  three  cases,  that  is  without 
control,  with  position  and  with  velocity  control.  The 
power  amplifier  gains,  fixed  during  all  the  tests  are  in¬ 
cluded  in  the  constants  Kc a  and  KCv.  In  addition,  the 
overall  gain  of  the  feedback  loop,  in  the  two  cases  of  the 
controlled  system,  has  been  always  assumed  as  a  con¬ 
stant,  because  the  upper  cut-off  frequencies  of  all  the 
utlised  circuits  are  greater  than  the  maximum  value  of 


Fig.  7.  Not-controlled  system:  comparison  between  experimental  test 
and  numerical  simulation. 


Table  2 


Transfer  function  gains  at  resonance  frequency  obtained  with  numerical  simulation  and  experimental  tests 


Not  controlled  gain  (dB) 

Position  control  gain  (dB) 

Velocity  control  gain  (dB) 

1st  mode  numerical  simulation 

7.24 

-14.3 

0.7 

1  st  mode  experimental  test 

1.8 

-15.3 

-4.4 

2nd  mode  numerical  simulation 

6.52 

-4.15 

-6.29 

2nd  mode  experimental  test 

1 

-7.4 

-1 
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Fig.  8.  Position  control:  comparison  between  experimental  tests  and 
numerical  simulation. 


Fig.  9.  Velocity  control:  comparison  between  experimental  test  and 
numerical  simulation. 


the  frequency  range  (0-700)  Hz  considered  in  the  nu¬ 
merical  simulation. 

The  transfer  functions  obtained  with  the  experimental 
measurements  and  numerical  simulations  are  shown  and 
compared  in  Figs.  7-9,  respectively,  for  the  three  cases: 
not-controlled  system,  position  control  and  velocity 
control.  The  transfer  function  gains  at  resonance  fre¬ 
quency,  obtained  with  the  methods,  are  summarised  in 
Table  2. 

The  analysis  shows  a  better  effectiveness  in  the  vi¬ 
bration  control  for  the  examined  cases  for  the  position 
control,  which  allows  a  larger  reduction  in  terms  of 
amplitude  with  respect  to  the  one  obtained  by  means  of 
velocity  control. 


5.  Conclusions 

The  probelm  of  vibration  reduction  for  an  active 
cantilever  beam  has  been  considered  in  the  present  re¬ 
search.  A  single-input  single-output  feedback  closed 


loop  control  system  has  been  used  for  its  solution.  The 
sensing  ad  actuating  actions  have  been  carried  out  by 
two  identical  PZT  piezo-patches  connected  at  the  beam 
in  a  collocated  way. 

Two  control  strategies,  position  and  velocity,  char¬ 
acterised  from  different  modes  to  detect  the  input  of  the 
feedback  loop  have  been  analysed. 

A  finite  elements  analysis,  based  on  an  Euler-Ber- 
noulli  model  of  the  considered  structure,  and  a  modal 
approach  have  been  taken  into  account  to  simulate  the 
whole  system  response  at  a  disturbance  load  in  the  three 
cases:  not-controlled  system,  position  and  velocity  con¬ 
trol. 

The  results  of  the  numerical  simulation  have  been 
compared  to  those  ones  obtained  with  the  experimental 
tests  and  a  good  correspondence  has  been  obtained  in 
the  three  cases.  Besides,  the  analysis  has  demonstrated 
the  better  effectiveness  of  the  position  control  respect  to 
the  velocity  control  as  strategy  to  reduce  the  vibration 
levels  in  a  cantilever  beam. 
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Abstract 

The  tensile  and  compressive  tests  of  glass-epoxy  composites  with  1-200  s-1  strain  rates  which  are  typical  strain  rate  range  during 
automobile  crash  accidents  were  performed  in  order  to  measure  the  strength  variation  with  respect  to  strain  rate.  The  tests  were 
performed  using  both  a  horizontal  type  pneumatic  impact  tester  and  a  conventional  dynamic  universal  test  machine  with  strain-rate- 
increase  mechanisms.  Also,  the  impact  energy  absorption  characteristics  of  glass  fiber  reinforced  composites  were  estimated  using 
the  newly  proposed  progressive  impact  fracture  model.  From  the  experiments  and  predictions,  it  was  found  that  the  proposed 
method  predicted  relatively  well  the  experimental  results.  ©  2000  Published  by  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords :  Strain  rates;  Impact  energy  absorption;  Progressive  impact  fracture  model 


1.  Introduction 

Fiber  reinforced  composites  have  been  used  for 
structural  materials  of  aircraft  and  space  vehicles  thanks 
to  their  superior  mechanical  properties.  In  these  days, 
their  use  is  being  increased  in  various  industrial  struc¬ 
tures.  As  composite  materials  are  increasingly  employed 
in  mechanical  structures,  the  dynamic  as  well  as  static 
characteristics  of  composite  structures  should  be  con¬ 
sidered  for  the  reliable  structures.  Therefore,  many  re¬ 
searches  on  the  impact  behavior  of  composite  materials 
have  been  carried  out  [1-10]. 

In  the  present  study,  in  order  to  measure  the  strength 
variation  with  respect  to  strain  rate,  the  tensile  and 
compressive  strengths  of  glass-epoxy  composites  were 
investigated  under  intermediate  strain  rates  (1-200  s-1) 
which  were  the  strain  rates  during  automobile  crash 
accidents.  The  tests  were  performed  using  a  horizontal 
type  pneumatic  impact  tester  and  a  conventional  dy¬ 
namic  universal  test  machine  with  strain-rate-increase 
mechanisms.  Also,  the  impact  energy  absorption  char¬ 
acteristics  of  glass  fiber  reinforced  composites  were  es¬ 
timated  using  the  newly  proposed  progressive  impact 
fracture  model,  whose  basic  scheme  is  to  eliminate  the 
fractured  part  of  the  composite  at  each  divided  loading 
stage. 
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Finally,  the  predicted  impact  energy  absorption 
characteristics  were  compared  with  the  experimental 
results  obtained  by  the  previous  researchers  [8-10]. 


2.  Tensile  and  compressive  tests  under  intermediate  strain 
rates 

Generally,  the  split  Hopkinson  bar  tester  was  widely 
used  to  investigate  dynamic  properties  of  materials  in 
the  strain  rate  range  between  100  and  1000  depending 
on  the  gauge  length  of  specimens.  However,  the  strain 
rates  of  automobile  body  during  car  crash  accidents  are 
1-200  s-1,  which  are  the  comparable  strain  rates  of 
impact  speed  of  5-13  m/s  during  impact  tests.  Therefore, 
the  results  of  the  split  Hopkinson  bar  test  have  a  limited 
applicability  for  the  automotive  material  characteriza¬ 
tion  during  automobile  crash  accident. 

In  the  present  study,  the  effects  of  strain  rate  on  the 
strength  of  glass  fiber  epoxy  composite  materials  in  the 
range  of  1-200  s-1  were  investigated  using  two  testing 
methods.  For  the  range  of  1-20  s-1,  strain-rate-increase 
mechanisms  with  two  hydraulic  cylinders  were  designed 
and  mounted  on  a  conventional  dynamic  Instron  ma¬ 
chine  (Instron  8032).  By  these  mechanisms,  test  speed 
was  increased  10  times  both  for  tensile  and  compressive 
tests  as  shown  in  Fig.  1.  Since  the  maximum  test  speed 
of  the  machine  was  25  mm/s,  the  maximum  test  speed 
was  increased  to  250  mm/s.  For  the  range  of  20-200  s-1, 
horizontal  type  pneumatic  impact  tester  was  designed  as 
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Fig.  1.  Experimental  setup  for  tensile  and  compressive  tests  with  the  strain-rate-increase  mechanism:  (a)  photograph  of  the  test  equipment; 
(b)  schematic  diagram  of  the  test  equipment;  (c)  section  of  hydraulic  cylinders. 


shown  Fig.  2.  The  mass  and  speed  of  the  impactor  were 
5.6  kg  and  0.25-3  m/s,  respectively. 

Fig.  3  shows  the  specimen  shapes  for  the  tests.  The 
gauge  lengths  of  both  the  tensile  test  type  composite 
specimens  and  compressive  type  one  were  2.5  mm.  For 
the  tests,  a  birdcage  type  jig  was  designed,  which  could 
insure  alignment  of  compressive  loads.  And  this  jig 
could  apply  tensile  loads  to  the  specimens  by  pushing 
the  outside  cage  of  the  jig  as  shown  in  Fig.  4.  The  col¬ 
umns  of  the  compressive  jig  were  properly  lubricated 
with  grease  and  their  frictional  loads  were  calibrated. 

For  the  measurement  of  loads,  the  dog  bone  type 
load  cell  with  four  strain  gauges  was  manufactured.  And 
the  load  was  measured  using  a  DC  type  strain  amplifier 
(AS2103,  NEC,  Japan).  The  measured  data  were 
transferred  to  the  IBM-PC  using  an  A/D  converter.  The 
measured  strength  data  of  the  glass  fiber  epoxy  com¬ 


posites  whose  fiber  volume  fraction  is  60%  are  shown  in 
Fig.  5.  The  experiments  were  performed  in  the  range  of 
1-200  s-1  strain  rate,  whose  results  are  shown  in  Fig.  6. 

From  the  results  of  Fig.  6,  it  was  found  that  the 
strength  of  glass-epoxy  composites  increased  about  80% 
at  the  strain  rate  of  up  to  50  s-1  compared  to  the  strain 
rate  of  0.01,  which  is  a  normal  strain  rate  during  ma¬ 
terial  testing.  Using  the  measured  strength  results,  the 
energy  absorption  of  glass  fiber  epoxy  composites  was 
calculated  with  the  progressive  impact  fracture  model. 


3.  Progressive  impact  fracture  model  [9] 

In  the  present  study,  the  dynamic  external  load  and 
the  energy  absorption  during  the  impact  of  composite 
were  calculated  using  the  progressive  impact  fracture 


D.G.  Lee  et  al  /  Composite  Structures  50  (2000)  381-390 


383 


Pneumatic 

cylinder 


Load  cell  Specimen  jig  Impactor 


(b) 


Fig.  2.  Experimental  setup  of  the  horizontal  type  impact  tester  for 
tensile  and  compressive  tests:  (a)  schematic  diagram  of  the  test 
equipment;  (b)  photograph  of  the  main  part. 
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Fig.  3.  Specimen  dimensions  for  dynamic  tensile  and  compressive 
tests:  (a)  tensile  test  specimen;  (b)  compressive  test  specimen. 


model,  whose  basic  scheme  is  to  eliminate  the  fractured 
part  of  the  specimen  at  each  divided  loading  stage.  The 
calculated  results  were  compared  with  the  instrumented 
Charpy  test  results  (5.21  m/s  of  tup  velocity)  and  the 
composite  impact  beam  test  results  for  passenger  cars 
(13  m/s  of  tup  velocity).  The  Hertzian  contact  between 
the  composites  and  the  impactor  was  included  in  the 
analysis  to  predict  more  accurately  the  initial  slope  and 
peak  load  during  impact.  Since  the  Hertzian  contact 
occurred  earlier  than  the  bending  fracture,  it  influenced 
only  the  initial  dynamic  force.  The  relationship  between 
the  Hertzian  contact  force  P  and  the  indentation  a 
during  the  impact  of  a  cylinder  on  a  flat  or  convex  plane 


(c) 


Fig.  4.  Jig  for  tensile  and  compressive  tests:  (a)  schematic  diagram  of 
the  disassembled  jig;  (b)  tensile  test;  (c)  compressive  test. 


surface  was  approximated  as  a  power  index  equation, 
which  was  the  same  formulation  for  the  case  of  a  ball  on 
a  flat  or  convex  plane  surface. 

P  =  kh  a15.  (1) 

The  actual  values  of  kb  were  obtained  by  the  static  in- 
dentation  tests.  The  indentation  amount  was  measured 
both  by  a  dial  gauge  and  by  an  linear  variable  differ¬ 
ential  transformer  (LVDT)  and  the  test  results  were 
fitted  using  Eq.  (1).  The  nose  radius  of  the  loading  cyl¬ 
inder  for  the  composite  Charpy  specimens  was  1.5  mm 
and  that  for  the  composite  impact  beams  was  25  mm. 
During  the  impact  tests,  the  same  size  radius  tups  were 
used.  The  Hertzian  contact  during  impact  was  modeled 
as  a  serial  connection  of  high  stiffness  nonlinear  spring 
of  stiffness  kh  to  the  bending  linear  spring  of  stiffness  kh 
as  shown  in  Fig.  7. 

Using  D’Alembert  principle  and  geometric  compati¬ 
bility,  Eqs.  2(a)-(c)  were  obtained. 

my  +  khot 1,5  =  0,  (2a) 

kbd  =  khaL51  (2b) 

y  =  a  +  <5,  (2c) 
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Fig.  5.  Curves  of  dynamic  tensile  and  compressive  tests  of  the  glass- 
epoxy  composites:  (a)  tension  (e  =  50  s_l);  (b)  compression  (e  =  50 

s-'). 


(b)  Strain  rate  (1/scc) 


Fig.  6.  Strengths  of  the  glass-epoxy  composites  w.r.t.  strain  rates: 
(a)  tension;  (b)  compression. 


where  a  and  8  are  the  deflections  due  to  the  Hertzian 
contact  and  the  bending,  respectively. 

For  the  simply  supported  center  loading  of  a  beam, 
the  bending  stiffness  kh  can  be  obtained  from  the  me¬ 
chanics  of  materials  method. 


where  E ,  I  and  L  represent  the  Young’s  modulus,  the 
second  moment  of  inertia  and  the  span  length,  respec¬ 
tively. 

Using  the  numerical  calculations  of  Eqs.  2(a)  and  (b), 
the  values  of  a  and  8  were  fitted  as  sinusoidal  curves  to 
be  differentiable  n  times  with  respect  to  time. 

The  initial  dynamic  external  load  was  obtained  by 
multiplying  the  second  derivative  of  y  by  the  impactor 
mass  m  as  shown  in  Eqs.  2(a)-(c).  When  the  external 
load  reached  the  critical  value  which  could  bring  about 
the  tensile  fracture  or  the  compressive  fracture  or  del¬ 
amination  failure  as  shown  in  Fig.  8. 

The  critical  loads  for  the  tensile  and  compressive 
fractures  with  respect  to  strain  rates  were  obtained  in  the 
previous  chapter,  and  for  the  delamination  failure  the 
results  obtained  from  the  previous  short  beam  shear 
tests  were  used  [9,10]. 


After  the  first  fracture  of  composite  specimen,  the 
Hertzian  contact  was  no  longer  considered.  Therefore, 
the  impact  test  of  composites  was  approximated  as  a 
simple  spring  mass  system  model  as  shown  in  Fig.  7(e) 
whose  governing  equation  is  shown  in  Eq.  (4). 

my  +  kby  =  0.  (4) 


The  analytical  solution  of  Eq.  (4)  is  as  follows. 


If  the  tensile  or  compressive  stress  in  the  composite 
specimen  is  more  dominant  than  the  interlaminar  shear 
stress,  the  outer  hatched  regions  of  Fig.  8(a)  would  un¬ 
dergo  failure,  while  the  delamination  failure  would  oc¬ 
cur  when  the  interlaminar  shear  stress  is  more  dominant 
as  shown  in  Fig.  8(c).  Also,  the  tensile  and  compressive 
parts  of  specimens  would  not  fail  simultaneously  be¬ 
cause  the  glass  fiber  epoxy  composite  has  a  larger  tensile 
strength  than  compressive  strength  as  shown  in  Fig.  6. 
Therefore,  the  times  tt  and  tc  required  for  which  the 
bending  stress  in  the  composite  specimen  reached  the 
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Fig.  7.  Schematic  diagram  of  impact  between  the  impactor  mass  m  and  the  beam  with  stiffness  kh  and  the  Hertzian  stiffness  £h:  (a)  real  model; 
(b)  approximated  model;  (c)  dynamic  equilibrium  using  D’Alembert  principle;  (d)  external  loads  of  the  spring  due  to  the  Hertzian  contact; 
(e)  approximated  model  after  first  fracture  occurred. 


tensile  strength  and  compressive  strength,  respectively 
and  the  time  ts  required  for  which  the  interlaminar  shear 
stress  were  calculated  as  follows: 


k  = 


4crtZ 
vLyJmk] b 


(6a) 


k  — 


V  h  \  vLy/mk b  J 


(6b) 


4  = 


V  kh  \  3  v^mkh  ) 


(6c) 


where  crt,  crc  and  rd  represent  the  tensile,  compressive 
and  interlaminar  shear  strengths  of  the  glass-epoxy 
composite,  respectively.  Also,  Z  represents  the  sectional 
modulus  (second  moment  of  inertia/vertical  length  be¬ 
tween  neutral  axis  and  fractured  region),  w  and  h  the 
width  and  the  height  of  specimen,  respectively.  Eqs.  6(a) 
and  (b)  were  derived  from  the  bending  stress  relation, 
and  Eq.  6(c)  was  derived  from  the  interlaminar  shear 
stress  relation.  The  next  step  is  to  choose  the  minimum 
time  among  tu  tc  and  ts.  If  tt  were  selected,  then  the 
composite  specimens  would  undergo  the  fracture  of  the 
base  part.  If  tc  were  selected,  then  the  upper  part  frac¬ 
ture  of  the  composite  specimen  would  occur.  If  ts  were 
selected,  then  it  would  go  through  the  interlaminar 
fracture  as  shown  in  Fig.  8(c).  Since  the  dynamic  stress- 
strain  curves  of  composites  show  slight  ductility  within 


10%  strain  during  the  fracture  as  depicted  in  Fig.  5, 
which  was  similar  to  the  other  previous  research  results 
[3,6],  it  was  assumed  that  the  real  fracture  of  the  com¬ 
posite  specimens  would  initiate  at  1  Atc  rather  than  at  tc 
to  make  the  eliminated  part  by  fracture  finite.  As  the 
fractured  part  of  the  composite  specimen  was  eliminated, 
the  Young’s  modulus,  neutral  axis,  second  moment  of 
inertia  of  the  composite  specimen  and  the  velocity  of  the 
impactor  was  updated  in  each  iteration.  To  start  the  next 
iteration  step,  it  is  essential  to  determine  the  lower  force 
(Fb)  as  shown  in  Fig.  9.  Since  the  displacement  of  the 
impactor  at  the  end  of  the  first  step  is  equal  to  that  of  the 
start  of  the  second  step,  the  following  relationship  holds: 

ft 

/Ca 

As  explained  above,  the  iterative  procedure  resulted  in 
the  dynamic  load  and  the  energy  absorption  versus  time. 
The  iterative  equations  for  the  velocity,  displacement 
and  energy  absorption  of  the  (i  +  l)th  step  were  shown 


as  follows: 

_  ^i+-R+lA, 

Vi+ 1  Vi  ~  A^+1 , 

2m 

(8a) 

Oi+i  =  Oi  2  1, 

(8b) 

Ei+  i  =  Et  -  ^ m(vf+l  -  v]). 

(8c) 
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Fig.  8.  Progressive  impact  fracture  model  of  the  composite  specimen 
during  impact  load:  (a)  tensile  fracture;  (b)  compressive  fracture; 
(c)  interlaminar  shear  stress  dominant  fracture. 

Table  1 

Composite  specimens  for  the  impact  test 

Composite  type  Length  (mm) 

Glass  fiber  epoxy  composite  specimen  55 


Glass  fiber  epoxy  composite  specimen  55 

embedded  with  Kevlar  29  fiber 


Glass-epoxy  composite  beam  (tubular  520 

type) 


F 


Fig.  9.  Schematic  force  versus  time  diagram  of  the  progressive  impact 
fracture  model  for  the  composite  specimen. 


During  each  step  of  the  iteration,  the  calculated  dis¬ 
placement  of  the  impactor  was  compared  to  the  critical 
displacement  of  the  impactor  dc ,  which  was  defined  by 
the  Pythagorean  theorem  as  follows: 


where  Ls  and  L  are  the  specimen  length  and  the  span 
length,  respectively.  If  the  displacement  of  the  impactor 
were  larger  than  this  critical  value,  the  composite  spec¬ 
imen  would  no  longer  support  external  load,  but  slip 
through  the  jig.  At  that  time,  the  iteration  would  be 
terminated. 


Section  (mm) 


-31 .8- 


Expcriment 

Instrumented  Charpy,  m=  12.07  kg, 
t;  =  5.21  m/s,  nose  radius:  1.5  mm 


Instrumented  Charpy,  m—  12.07  kg, 
t?  =  5.21  m/s,  nose,  radius:  1.5  mm 


Pneumatic  impact,  m—  13  kg,  v=  13 
m/s,  nose  radius:  25  mm 


Glass-epoxy  composite  beam  (box  type) 


520 


Pneumatic  impact,  m  —  13  kg.  v—  13 
m/s,  nose  radius:  25  mm 
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Fig.  10.  Flow  chart  of  the  progressive  impact  fracture  model. 


Table  2 


Mechanical  properties  of  the  composite  specimen 


Glass-epoxy 
composite  (UGN  150) 

Longitudinal  tensile  modulus  (GPa) 

43 

Longitudinal  tensile  strength  (GPa) 

2.0 

Longitudinal  compressive  strength  (GPa) 

1.2 

Major  Poisson’s  ratio 

0.28 

In  the  present  work,  this  model  was  applied  to  several 
kinds  of  composites  that  were  experimented  as  listed  in 
Table  1.  Fig.  10  shows  the  flow  chart  of  the  method. 
Also,  Table  2  indicates  the  mechanical  properties  of 
glass-epoxy  composites.  The  tensile  and  compressive 
strengths  are  the  average  values  which  were  tested  in  the 
range  of  10-100  s-1  strain  rate. 

3.1.  Glass-epoxy  composite  specimens 

The  static  indentation  tests  were  carried  out  to  obtain 
the  Hertzian  stiffness  and  the  values  of  £;h  were  obtained 


for  each  specimen.  Fig.  11  shows  the  static  indentation 
test  results  for  each  glass-epoxy  composite  specimen. 
Then  the  estimated  energy  absorption  characteristics  of 
glass-epoxy  composite  specimens  w.r.t.  fiber  volume 
fractions  were  compared  to  the  previous  test  results  by 
the  instrumented  Charpy  impact  test  [10]. 

Fig.  12  shows  the  values  cc  and  3  calculated  by  sub¬ 
stituting  the  experimentally  obtained  coefficients  into 
Eqs.  2(a)-(c).  The  calculated  values  of  a  and  3  were 
fitted  by  using  sinusoidal  functions. 

Fig.  13  shows  the  experimental  and  estimated  results 
when  the  fiber  volume  fraction  is  60.6%. 

3.2.  Glass  fiber  reinforced  hybrid  composite  [9] 

In  this  case,  Kevlar  29  fibers  were  embedded  in  the 
mid  plane  of  the  composite  specimen.  Therefore,  Eqs. 
6(a)-(c)  should  be  modified  to  allow  the  embedded 
material  because  the  neutral  axis  would  not  coincide 
with  the  centroid  even  with  the  symmetrically  stacked 
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Fig.  11.  Static  indentation  tests  of  glass-epoxy  composites  (rf:  60.6%). 


0  12  3 

Time  (msec) 

Fig.  12.  Static  indentation  tests  of  glass-epoxy  composites  (t>f:  60.6%). 


Fig.  14.  Coordinate  system  for  obtaining  neutral  axis  of  composite 
specimens  which  were  embedded  dissimilar  materials. 


laminates  after  fracture.  If  t  and  e  represent  the  thick¬ 
ness  of  the  embedded  material  and  the  distance  from  the 
centroid  to  the  middle  surface  of  the  embedded  material, 
respectively  as  shown  in  Fig.  14,  the  neutral  axis^N  that 
is  the  distance  between  the  base  and  the  neutral  axis  of 
the  partially  fractured  specimen  is  represented  as  fol¬ 
lows: 


'■-i. 
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.Fn  = ' 
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fg 
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where  £fg  and  Efc  represent  the  Young’s  moduli  of  glass- 
epoxy  composites  and  embedded  materials,  respectively. 

Then,  the  second  moment  of  inertia  /  was  calculated 
by  the  parallel  axis  theorem.  When  the  middle  surface  of 
the  embedded  material  is  higher  than  the  centroid, 
e  is  positive,  otherwise  it  is  negative.  Therefore,  the 
Eqs.  6(a)-(c)  were  modified  as  follows: 


k 


pH  .  -i  (  4crt/  \ 
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Fig.  13.  Analytical  and  experimental  results  of  the  external  load  and 
energy  absorption  for  glass-epoxy  composites  (t?f :  60.6%). 


In  the  present  study,  tc  was  the  smallest  in  all  cases  of 
embedded  materials.  The  composite  specimen  thickness 
after  eliminating  the  fractured  part  by  compression  was 
calculated  as  follows: 

‘=w+z ^csc((IJ)'-vf)  (12) 

The  removed  outer  part  is  of  the  pure  glass-epoxy 
composites,  which  makes  the  relative  portion  of  the 
embedded  material  increase  because  the  embedded  ma¬ 
terial  is  located  at  the  middle  surface.  Accordingly,  the 
Young’s  modulus,  neutral  axis,  second  moment  of  in¬ 
ertia  of  the  composite  specimen  and  the  velocity  of  the 
impactor  should  be  updated  in  each  iteration  as  the 
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Time  (msec) 


(a)  Time  (msec) 


Fig.  15.  Analytical  and  experimental  results  of  the  external  load  and 
energy  absorption  of  the  glass  fiber  hybrid  composites  (Kevlar  29, 
V{, Kevlar-  8.9%,  t>f)Keviar  means  the  volume  fraction  of  the  Kevlar  29  fiber, 

i.e.,  Vf  ^Kevlar/ ^composite)* 


Fig.  16.  Coordinate  system  to  obtain  the  neutral  axis  of  tubular  type 
composite  beams. 


fractured  part  of  the  composite  specimen  was  eliminat¬ 
ed.  Also,  the  static  indentation  tests  were  carried  out  to 
consider  the  Hertzian  contact  effect. 

Fig.  15  shows  the  comparison  between  the  Charpy 
impact  test  and  the  progressive  impact  fracture  model. 


(b)  Time  (msec) 


Fig.  17.  Analytical  results  of  the  external  load  and  energy  absorption 
of  the  glass  fiber  epoxy  composite  beams:  (a)  tubular  type  section; 
(b)  box  type  section. 
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where  y  and  A  can  be  shown  as  follows: 

c/nsin3a 

y  = - - - - - 

3[4nt(do  —  t)  —  dl (a  —  sinacosa)]  ’ 


(14a) 


3.3.  Glass  fiber  epoxy  composite  beams 

In  this  case,  beams  with  two  different  sections  such 
as  tubular  and  box  type  as  shown  in  Table  1  were 
tested.  For  these  beams  the  centroid  coincides  with  the 
neutral  axis.  The  second  moment  of  inertia  of  the 
tubular  type  beam  as  shown  in  Fig.  16  was  calculated 
as  follows: 


d2 

A  —  nt(do  —  t)  —  ~~  (a  -  sinacosa). 


(14b) 


The  second  moment  of  inertia  for  the  box  type  beam 
can  be  obtained  in  an  analogous  manner  without  any 
difficulty. 

These  beams  were  tested  with  the  specially  designed 
pneumatic  impact  tester.  The  impactor  mass  and 
incident  velocity  were  13  kg  and  13  m/s  (30  mph), 


Table  3 


The  comparison  of  the  estimated  impact  energy  absorption  with  the  experimental  ones 


Composite  beam  type 

Results 

Model 

Experiment 

Tubular  type 

Impactor  incident  velocity,  V-t  (m/s) 

13 

13.1 

Impactor  final  velocity,  Vf  (m/s) 

8.9 

8.96 

Energy  absorption  ratio  (%) 

53.1 

53.2 

Box  type 

Impactor  incident  velocity,  Vx  (m/s) 

13 

12.9 

Impactor  final  velocity,  Vf  (m/s) 

8.93 

8.85 

Energy  absorption  ratio  (%) 

52.8 

52.9 
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respectively  [8].  Unfortunately  the  force  versus  time 
history  during  impact  was  not  measured.  Instead,  the 
incident  and  final  velocities  of  the  impactor  were  ob¬ 
served  with  the  help  of  optical  sensors.  Also,  the  static 
indentation  tests  were  performed  to  consider  the 
Hertzian  contact  effects. 

Fig.  17  shows  the  estimated  force  versus  time  and  the 
impact  energy  absorption  results  of  each  beam  and 
Table  3  compares  the  estimated  results  with  the  experi¬ 
mental  ones. 


4.  Discussions 

It  was  found  that  the  progressive  impact  fracture 
model  predicted  relatively  well  the  impact  energy  ab¬ 
sorption  characteristics  of  composite  structures  and  the 
impact  duration,  however  it  was  unable  to  predict  the 
peak  dynamic  load  during  impact  of  composite  struc¬ 
tures.  From  the  results  of  the  modeling,  the  compressive 
fracture  was  predicted  to  be  the  dominant  failure  mode 
because  the  compressive  strength  of  glass-epoxy  com¬ 
posites  is  lower  than  the  tensile  one,  while  in  the  tests, 
the  tensile,  compressive  and  shear  failures  occurred  si¬ 
multaneously.  From  the  experiments  and  estimation,  it 
may  be  conjectured  that  the  failure  of  fiber  composites 
occurs  at  the  moment  the  strain  reaches  the  critical  value 
rather  than  when  the  stress  reaches  the  strength,  because 
the  real  dynamic  fractures  of  composites  occur  with 
slightly  ductile  behavior  at  high  strain  rate.  Therefore,  it 
may  be  helpful  to  investigate  the  failure  strain  of  com¬ 
posites  with  respect  to  strain  rates. 


5.  Conclusion 

In  this  work,  the  tensile  and  compressive  strengths  of 
glass  fiber  epoxy  composite  were  measured  with  the 
strain  rate  of  1—200  s"1  in  order  to  investigate  the  effect  of 
strain  rate  on  the  strength  using  strain-rate-increase 
mechanisms.  From  the  experiments,  it  was  found  that  the 
dynamic  strength  of  glass-epoxy  composites  at  the  strain 
rate  of  50  s"1  was  80%  higher  than  that  of  the  static. 


In  order  to  estimate  the  impact  energy  absorption 
characteristics  of  fiber  composite  materials,  the  pro¬ 
gressive  impact  fracture  model  was  proposed.  The 
model  predicted  relatively  well  the  impact  energy  ab¬ 
sorption  characteristics  of  composites,  however,  it  was 
unable  to  predict  accurately  the  dynamic  peak  load 
during  the  impact  of  composite  structures,  which  might 
be  improved  if  the  different  failure  strains  of  composites 
depending  on  the  strain  rate  were  considered. 
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Abstract 

Experiments  have  been  carried  out  to  determine  the  free  vibration  frequencies  and  mode  shapes  of  3.2  mm  thick,  pultruded  GRP, 
square  plates  with  six  combinations  of  clamped  (C),  simply  supported  (S)  and  free  (F)  edge  supports.  Comparison  of  experimental 
and  theoretical/numerical  frequencies  confirms  that  thin  homogeneous  orthotropic/anisotropic  plate  theory  provides  a  reasonable 
model  for  predicting  the  free  vibration  response  of  pultruded  GRP  plates.  Additional  vibration  experiments  were  carried  out  on 
plates  with  central  circular  cutouts.  The  hole  size  ratios  were  varied  from  about  0.1  to  0.4  for  three  combinations  of  clamped  (C)  and 
simply  supported  (S)  edge  conditions.  Finite-element  (FE)  frequency  and  mode  shape  predictions  based  on  orthotropic  plate  theory 
were  again  shown  to  be  in  reasonable  agreement  with  the  experimental  frequencies  and  modes.  ©  2000  Elsevier  Science  Ltd.  All 
rights  reserved. 


1.  Introduction 

Over  the  past  three  decades  many  papers  have  been 
published  on  the  free  vibration  behaviour  of  laminated 
composite  plates.  Their  existence  is  due  to  the  wide¬ 
spread  use  of  laminated  carbon  fibre  reinforced  plastic 
(CFRP)  and,  to  a  lesser  extent,  glass  reinforced  plastic 
(GRP)  plates  in  aerospace  structures  and  components 
and  the  need  to  understand  their  free  vibration  response 
characteristics.  The  theoretical  and  experimental  studies 
reported  in  these  papers  have  shown  that  classical,  first- 
and  third-order  laminated  anisotropic  plate  theory  may 
be  used  to  model,  with  good  accuracy,  the  free  vibration 
response  of  both  thin  and  moderately  thick  plates  under 
a  variety  of  edge  support  conditions.  The  fact  that 
laminated  anisotropic  plate  theory  provides  a  sound 
basis  for  modelling  the  free  vibration  response  of  CFRP 
plates  is,  in  no  small  measure,  attributable  to  the  rig¬ 
orous  quality  control  procedures  used  in  their  fabrica¬ 
tion.  Moreover,  the  high  costs  of  these  procedures  can 
be  justified  in  the  aerospace  context. 

In  the  construction  sector,  however,  low  cost  is  one  of 
the  primary  factors  determining  whether  or  not  a  par- 
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ticular  type  of  material  is  used.  Consequently,  GRP  is 
used  more  widely  than  CFRP.  The  manufacturing  pro¬ 
cesses  used  to  make  GRP  components  for  construction 
applications  are  generally  simpler  than  for  aerospace 
applications  and  variability  in  material  properties  is 
greater. 

Pultrusion  [1]  is  a  low-cost  process,  which  is  used  to 
make  structural  grade  GRP  profiles  and  plate  for  use  in 
construction.  The  nature  of  the  process  dictates  that  it  is 
much  more  difficult  to  achieve  the  same  degree  of  con¬ 
trol  over  the  regularity  and  alignment  of  the  fibre  ar¬ 
chitecture  than  is  possible  with  automated  tape  laying 
and  other  leading  edge  processes  used  in  the  manufac¬ 
ture  of  aerospace  composites.  Moreover,  it  is  arguable 
that  the  types  of  glass  reinforcement,  viz.,  rovings 
(aligned  fibre  bundles)  and  continuous  filament  mat 
(CFM),  used  in  pultruded  GRP  components  do  not 
produce  such  a  well-defined  laminated  architecture,  as  in 
aerospace  composites.  In  pultruded  plate,  especially,  the 
discrete  rovings  have  a  lenticular  cross-section,  which 
causes  undulations  in  the  CFM.  Furthermore,  the  un¬ 
dulations  are  not  regular  because  the  roving  spacing 
tends  not  to  be  perfectly  uniform  due  to  friction-induced 
transverse  movements  between  the  CFM  and  rovings  as 
they  pass  through  the  pultrusion  die.  These  fibre  archi¬ 
tecture  differences  between  composites  used  for  aero¬ 
space  and  construction  applications  cast  doubt  on  the 
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adequacy  of  both  laminated  and  homogeneous  aniso¬ 
tropic  plate  theory  as  a  suitable  basis  for  modelling  the 
free  vibration  response  of  pultruded  GRP  plates.  To  the 
best  of  the  authors’  knowledge,  this  matter  has  not  been 
addressed.  Therefore,  in  this  paper,  it  is  demonstrated, 
via  a  comparison  of  experimentally  determined  and 
theoretically  predicted  plate  frequencies,  that  homoge¬ 
neous  anisotropic  plate  theory  is  indeed  able  to  provide 
reasonable  estimates  of  the  free  vibration  frequencies  of 
pultruded  GRP  plates  under  a  variety  of  edge  support 
conditions.  Moreover,  as  little  appears  to  have  been 
published  on  the  free  vibration  response  of  pultruded 
GRP  plates,  details  are  presented  of  a  supplementary 
investigation,  which  explores  the  influence  of  several 
important  factors  on  the  vibration  response  of  square 
plates.  These  factors  are:  edge  support  conditions,  hole 
size  ratio  (for  central  circular  cutouts)  and  anisotropy 
(defined  in  terms  of  the  orientation  of  the  pultrusion  axis 
with  respect  to  plate  axes). 


2.  Pultruded  GRP  plate  material  properties 

Structural  grade  GRP  plate  is  manufactured  by  sev¬ 
eral  pultruders  in  North  America  and  Europe.  The  plate 
thicknesses  vary  from  about  3.2  to  25.4  mm.  The  width 
of  the  plate  is  typically  1219  mm.  It  may  be  made  to  any 
required  length,  though  it  is  usually  supplied  as 
2438  mm  x  1219  mm  boards.  Two  forms  of  E-glass  re¬ 
inforcement  are  used  in  the  plate.  Rovings  provide  the 
longitudinal  strength  and  stiffness  and  CFM,  above  and 
below  the  rovings,  provides  the  transverse  stiffness  and 
strength.  Polyester  and  vinylester  resins  are  used  as  the 
primary  matrix  material,  which  supports  the  fibres  and 
provides  the  means  of  load  transfer  between  them.  Some 
pultruders  also  use  inert  fillers,  e.g.,  clay,  to  reduce  the 
quantity  of  resin  in  their  products.  The  pultruded  plate 
used  in  the  present  plate  vibration  tests  was  3.2  mm 
thick  EXTREN®  525  Series  plate  manufactured  by 
Strongwell  of  Bristol,  Virginia,  USA.  (Note:  reference  to 
a  product  trade  name  in  this  paper  is  solely  for  the 
purposes  of  factual  accuracy  and  does  not  imply  en¬ 
dorsement  of  the  product.)  There  are  two  roving  layers 
in  the  3.2  mm  thick  pultruded  GRP  plate  -  one  near  the 
upper  and  the  other  near  the  lower  surface.  The  rovings 


are  clearly  discernible  by  the  small  undulations,  typically 
0.1  mm  high,  they  produce  in  the  plate  surfaces.  Mea¬ 
surements  between  the  centres  of  these  undulations 
suggest  that  the  roving  spacing  is  not  uniform  and  may 
vary  between  10  and  20  mm. 

Resin  burn-off  tests  on  6.4  mm  thick  EXTREN®  500 
Series  plate  have  shown  the  volume  percentages  of  glass, 
resin  and  filler  to  be  approximately  30%,  60%  and  10%, 
respectively.  Although  similar  burn-off  tests  have  not 
been  undertaken  on  3.2  mm  thick  material,  it  is  assumed 
that  the  glass,  resin  and  filler  volume  percentages  would 
be  similar. 

Four  strips  -  two  longitudinal  (parallel  to  the  direc¬ 
tion  of  the  rovings)  and  two  transverse  -  were  cut  from 
the  3.2  mm  thick  plate  to  provide  coupons  for  tension 
testing.  The  nominal  coupon  size  was  250  x  25  x  3.2  (all 
dimensions  in  mn).  A  biaxial  strain  gauge  (with  its 
sensitive  axes  along  and  normal  to  the  length  of  the 
coupon)  was  bonded  to  the  centre  of  one  face  and  a 
uniaxial  gauge  (with  its  sensitive  axis  along  the  length  of 
the  coupon)  was  bonded  to  the  centre  of  the  other  face. 
The  longitudinal  coupons  were  loaded  in  1  kN  incre¬ 
ments  to  a  maximum  load  of  7  kN  and  the  transverse 
coupons  were  loaded  to  3.2  kN  in  0.4  kN  increments. 
Strains  were  recorded  immediately  after  the  application 
of  each  increment  of  load.  The  longitudinal  and  trans¬ 
verse  elastic  moduli  values  and  Poisson’s  ratios  deter¬ 
mined  from  the  tension  coupon  tests  are  listed  in  Table  1 
together  with  the  values  taken  from  the  manufacturer’s 
design  manual  [2]. 

It  should  be  appreciated  that  the  manufacturer’s 
moduli  values  given  in  Table  1  are  minimum  values  for 
use  in  design.  Experience  has  shown  that  they  may  be  up 
to  20%  lower  than  the  value  measured  in  a  single  coupon 
test.  Therefore,  as  an  important  aspect  of  the  work 
presented  here  is  to  compare  theoretical  and  experi¬ 
mental  vibration  frequencies,  it  is  sensible  to  use  moduli 
determined  from  coupon  tests  rather  than  design  values. 
However,  as  no  shear  modulus  tests  were  undertaken  on 
the  3.2  mm  thick  pultruded  plate,  it  has  been  necessary 
to  use  the  manufacturer’s  value  for  the  shear  modulus  in 
the  numerical  analyses. 

The  mass  density  per  unit  area  of  the  pultruded  GRP 
plate  is  required  for  the  subsequent  closed-form  and  fi¬ 
nite-element  (FE)  orthotropic  and  anisotropic  plate 


Table  1 

Comparison  of  elastic  moduli  for  3.2  mm  thick  EXTREN®  525  series  pultruded  GRP  plate 


E'l,  longitudinal 

modulus 

(KN/mm2) 

Ej ,  transverse 

modulus 

(KN/mm2) 

Gl t,  shear 

modulus 

(KN/mm2) 

vLT,  longitudinal 
Poisson’s  ratio 

vTl,  transverse 
Poisson’s  ratio 

Comments 

14.21 

8.91 

0.28 

0.21 

Tension  coupon  values 

14.13 

8.85 

0.31 

0.20 

12.40 

4.83 

2.93a 

0.31 

0.29 

Manufacturer’s  minimum 

values 

Value  for  a  pultruded  section. 
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analyses.  The  manufacturer’s  density  value  of  1771.5  kg/ 
m3  given  in  [2]  has  been  used  to  determine  the  mass 
density  per  unit  area  of  the  3.2  mm  thick  GRP  plate  as 
5.67  kg/m2. 


3.  Parameters  investigated  in  plate  vibration  tests 


4  sides  clamped 
(C-C-C-C) 


(C-F-F-F) 


In  this  study,  the  effects  of  three  principal  types  of 
parameter  on  the  free  vibration  frequencies  of  3.2  mm 
thick  pultruded  GRP  square  plates  were  investigated. 
The  parameters  were:  the  degree  of  material  orthotropy 
(defined  in  terms  of  the  orientation  of  the  rovings  with 
respect  to  one  of  the  plate  edges),  the  combination  of 
plate  edge  support  conditions  and  the  diameter  of  the 
central  circular  cutout. 

Three  cases  of  orthotropy/anisotropy  were  investi¬ 
gated,  viz.,  (1)  longitudinal  (rovings  parallel  to  the  x- 
axis),  (2)  transverse  (rovings  at  90°  to  the  x-axis)  and  (3) 
45°  (rovings  oriented  at  45°  to  the  x-  and  y- axes).  These 
three  cases  are  shown  in  Fig.  1.  Cases  (1)  and  (2)  corre¬ 
spond  to  the  two  extremes  of  orthotropy  and  case  (3) 
corresponds  to  the  situation  in  which  the  plate’s  anisot¬ 
ropy  is  a  maximum.  The  effects  of  the  three  orthotropy/ 
anisotropy  cases  were  investigated  for  six  combinations 
of  plate  edge  support  conditions.  The  latter  are  illus¬ 
trated  in  Fig.  2  and  range  from  plates  with  all  edges 
clamped  (C-C-C-C)  to  cantilever  plates  (C-F-F-F). 

The  second  part  of  the  work  was  concerned  with  the 
effect  of  five  central  circular  cutout  sizes  on  the  free  vi¬ 
bration  frequencies  of  square  plates  with  all  edges 
clamped  (C-C-C-C),  three  edges  clamped  and  one 
simply  supported  (C-C-C-S)  and  opposite  pairs  of 
edges  clamped  and  simply  supported  (C-S-C-S).  In  all 
cases,  the  rovings  were  normal  to  one  pair  of  clamped 
edges.  The  hole  diameters  range  from  25  to  125  mm  in 
steps  of  25  mm,  corresponding  to  hole  size  (hole  diam¬ 
eter  to  plate  side  length)  ratios  of  0.083-0.417. 


4.  Details  of  the  plate  vibration  test  rig  and  the  evaluation 
of  natural  frequencies  and  mode  shapes 

The  plate  vibration  test  rig  was  both  conventional 
and  simple  in  so  far  as  an  electrodynamic  vibrator  was 


Y 


Case  1  Case  2  Case  3 


Fig.  1.  Three  cases  of  material  orthotropy/anisotropy:  (a)  case  (1)  - 
longitudinal  (rovings  parallel  to  the  x-axis);  (b)  case  (2)  -  transverse 
(rovings  parallel  to  the  y-axis)  and  (c)  case  (3)  -  45°  (rovings  equally 
inclined  to  the  x-  and  y-axes). 


3  sides  clamped  with 
1  side  free 


(C-C-C-F) 


Y 


2  sides  clamped  with 
2  sides  free 
(C-F-C-F) 


3  sides  clamped  with 
1  side  simply  supported 
(C-C-C-S) 


s 

c  c 

s 

2  sides  clamped  with 
2  sides  simply  supported 
(  C-S-C-S ) 


Fig.  2.  Six  combinations  of  clamped  (C),  simply  supported  (S)  and  free 
(F)  edge  conditions  for  3.2  mm  thick,  pultruded  GRP,  square  plates. 


used  to  induce  sinusoidal  oscillations  in  the  GRP  plates. 
A  variable  frequency  oscillator  and  power  amplifier 
were  used  to  adjust  the  frequency  and  amplitude  of  the 
plate  vibrations.  The  vibration  amplitudes  were  mea¬ 
sured  with  an  accelerometer  connected  to  a  charge  am¬ 
plifier  and  an  oscilloscope.  Plate  1  shows  a  view  of  the 
test  apparatus  mounted  on  a  rigid  cast  iron  bed  plate 
which,  in  turn,  was  supported  on  mass  concrete  blocks. 


Plate  1.  Test  rig  for  measuring  the  natural  frequencies  of  pultruded 
GRP  plates. 
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The  plate  support  arrangement  is  of  interest,  because 
of  its  flexibility.  It  was  designed  to  allow  knife  edges 
(representing  simple  support  conditions)  to  be  inter¬ 
changed  with  rigid  bars  (representing  clamped  edges)  so 
that  six  edge  support  combinations,  including  free  edges, 
could  be  tested  with  the  same  rig.  However,  even  though 
each  plate  had  a  span  of  300  mm  with  respect  to  the  x-  and 
y- axes,  their  overall  dimensions  differed  according  to  the 
particular  combination  of  edge  support  conditions  used 
and  the  need  to  allow  for  the  30  mm  width  of  the  rigid  bars 
used  to  simulate  clamped  edges.  Thus,  for  example,  the 
cantilever  plates  (C-F-F-F)  were  330  x  300  mm,  whereas 
plates  with  three  clamped  edges  and  one  free  edge  (C-C- 
C-F)  were  360  x  300  mm  overall. 

The  procedure  used  to  identify  the  free  vibration 
frequencies  of  each  plate  tested  was  simple  and  reason¬ 
ably  effective.  The  plate  was  vibrated  at  frequencies 
above  and  below  the  resonant  frequency.  The  vibration 
amplitudes  measured  at  each  of  these  frequencies  were 
plotted  against  frequency  in  order  to  bound  the  natural 
frequency.  Knowing  the  natural  frequency  approxi¬ 
mately,  the  procedure  was  repeated  using  smaller  fre¬ 
quency  increments  above  and  below  the  natural 
frequency  to  allow  more  accurate  bounds  to  the  natural 
frequency  to  be  determined.  Fig.  3  shows  an  example  of 
the  type  of  frequency  -  vibration  amplitude  plot  ob¬ 
tained  with  this  simple  technique.  In  general,  it  was 
found,  providing  reasonable  care  was  taken  with  the 


Plate  2.  Identification  of  nodal  lines  through  migration  of  fine  sand: 
(a)  plate  with  a  central  circular  hole  and  (b)  plate  without  a  hole. 


vibration  tests,  that  only  a  few  natural  frequencies  were 
missed  (see  Table  5),  despite  the  simple  nature  of  the 
procedures  used. 

The  vibration  modes  were  identified  using  Chladni’s 
simple  but  effective  method.  With  the  plate  vibrating  at 
its  resonant  frequency,  fine  sand  was  scattered  on  its 
upper  surface  and  allowed  to  migrate  to  the  nodal  lines. 
When  the  sand  migration  appeared  to  have  stopped,  the 
electrodynamic  vibrator  was  switched  off  and  the  lines 
of  sand,  representing  nodal  lines,  were  sketched,  mea¬ 
sured  and  photographed.  Plate  2  shows  examples  of  the 
nodal  lines  obtained  for  two  plates,  one  with  and  the 
other  without  a  central  circular  cutout.  Although  this 
technique  is  far  from  perfect,  it  does  provide  a  reason¬ 
able  picture  of  the  nodal  lines,  which,  in  general,  may  be 
correlated  with  the  theoretical  nodal  lines  without  too 
much  difficulty. 


5.  Computation  of  free  vibration  frequencies 


Fig.  3.  Example  of  a  frequency  versus  displacement  plot  used  to  de¬ 
termine  the  experimental  free  vibration  frequencies  (C-C-C-S  (trans¬ 
verse)). 


The  free  vibration  frequencies  of  the  pultruded  GRP, 
square  plates  have  been  computed  on  the  basis  of  ho- 
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mogeneous  orthotropic  and  anisotropic  thin  plate  the¬ 
ory.  Approximate  closed-form  expressions  were  used  to 
compute  the  natural  frequencies  of  the  plates  without 
free  edges  and  central  circular  cutouts.  For  the  plates 
with  cutouts  and/or  free  edges  FE  analysis  was  used  to 
compute  the  natural  frequencies.  Further  details  of  these 
two  approaches  for  evaluating  the  plate  vibration  fre¬ 
quencies  are  given  below. 


5.1.  Approximate  closed-form  frequency  calculations 


Hearmon  [3]  used  Rayleigh’s  method  to  derive  a 
closed-form  expression  for  the  free  vibration  frequency 
of  homogeneous  anisotropic  rectangular  plates  with 
combinations  of  simply  supported  and  clamped  edges. 
The  frequency  formula  obtained  by  Hearmon  may  be 
expressed  as 


CD  =-\ 

P 


1  ( A4D:  B4Dl  2  CD* 


■  +  ■ 


b4 


-  +  ■ 


a2b 2 


(i) 


where  co  is  the  circular  frequency,  p  the  mass  per  unit 
area  of  the  plate  material,  a  the  plate  length,  b  the  plate 
width,  D*x ,  D*  and  D*xy  the  plate  flexural  stiffnesses  with 
respect  to  the  principal  material  axes  and  A ,  B ,  and  C 
are  coefficients  which  depend  on  the  number  of  longi¬ 
tudinal  and  transverse  waves  (m,n)  in  the  vibration 
mode.  The  expressions  for  the  plate  stiffnesses  are 


D !  -  Dx  = 


ELt3 


y  12(1  -  vltvTl)  ’ 


12(1  —  vltVtl) ’ 

ETt3 

Dxy  =  Dxy  =  Dxvtl  +  2  Dk; 


Dk 


Glt  t3 
12 


In  the  above  definitions  of  the  plate  stiffnesses,  t  denotes 
the  plate  thickness.  These  stiffness  expressions  apply  to 
plates  with  rovings  aligned  parallel  or  transverse  to  the 
x-axis,  i.e.,  cases  (1)  and  (2)  (see  Fig.  1).  For  plates  with 


rovings  at  45°  to  the  x-axis,  i.e.,  case  (3),  the  following 
modified  expressions  have  to  be  used 

D*x  =  l-(Dx+Dy  +  2Dxy)=D;; 

D:y=l-(3Dx  +  3Dy-2Dxy). 

The  coefficients,  A-C ,  in  Eq.  (1)  are  defined  in  Table  2, 
which  has  been  taken  from  [3],  Using  a  value  of  t  =  3.2 
mm  and  average  values  for  the  longitudinal  and  trans¬ 
verse  elastic  moduli,  given  in  Table  1,  the  plate  flexural 
stiffnesses,  D*  etc.,  have  been  evaluated.  These  have  then 
been  substituted  into  Eq.  (1)  to  calculate  the  theoretical 
frequencies  for  plates  with  C-C-C-C,  C-C-C-S  and  C- 
S-C-S  edge  conditions.  The  values  obtained  for  the  first 
10  natural  frequencies  are  listed  in  Table  3. 


5.2.  Finite-element  frequency  calculations 

The  MSC/NASTRAN  FE  software  [4]  has  been  used 
to  compute  the  free  vibration  frequencies  of  the  square 
pultruded  GRP  plates  with  and  without  cutouts.  The 
plates  were  modelled  with  the  CQUAD4  element  [5], 
which  is  a  four  node,  shear  deformable  general  quadri¬ 
lateral  plate  element  with  five  degrees  of  freedom  per 
node  -  three  translations  and  two  out-of-plane  rota¬ 
tions.  With  this  element,  the  clamped  edge  (C)  condition 
is  simulated  by  setting  all  five  degrees  of  freedom  to  zero 
at  a  boundary  node.  Likewise,  the  simply  supported 
edge  (S)  condition  is  defined  by  setting  the  three  trans¬ 
lations  to  zero  at  a  boundary  node.  For  the  free  edge  (F) 
condition,  all  five  degrees  of  freedom  remain  uncon¬ 
strained  at  a  boundary  node. 

The  MSC/NASTRAN  FE  software  was  first  used  to 
compute  the  free  vibration  frequencies  of  a  square 
simply  supported  isotropic  thin  plate  for  a  range  of 
uniform  mesh  sizes.  The  purpose  of  these  computations 
was  to  establish  a  suitable  mesh  size  for  the  subsequent 


Table  2 


Coefficients  used  in  Eq.  (1)  for  various  plate  edge  support  combinations3 


Plate  edge  support 
conditions 

A 

B 

C 

m 

n 

C-C-C-C 

4.730 

4.730 

151.3 

1 

1 

4.730 

£2 

12.30£2(s2  -  2) 

1 

2,3,4,... 

h 

4.730 

12.30V2(y2  -  2) 

2,3,4,... 

1 

72 

£ 2 

y2e2(y2  -  2)(e2  -  2) 

2,3,4,... 

1,2,3, 4,... 

C-C-C-S 

4.730 

Sl 

12.3081  (ei  -2) 

1,2,3,... 

1 

72 

£[ 

V2eI(y2-2)(£,  -2) 

1,2,3,... 

2,3,4,... 

C-S-C-S 

4.730 

£0 

12.308-5 

1 

1,2,3,... 

72 

£0 

22*0  (?2  “  2) 

2,3,4,... 

1,2,3,... 

aThe  terms  yt  and  e(  (i  —  0, 1  and  2)  are  defined  as  follows: 


y0=mn;  +  y2=(m  +  ^\n,  e0  =  nn;  si  =  +  e2  =  fw  +  ^  ^  n. 
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Table  3 

Vibration  frequencies  (Hz)  of  3.2  mm  thick,  pultruded  GRP,  square  plates  obtained  from  Eq.  (1)  for  three  cases  of  material  orthotropy/anisotropy 
and  three  combinations  of  clamped  (C)  and  simply  supported  (S)  edge  conditions _ _ 


Mode  No.  C  C  C-C 

C-C-C-S 

Long. 

Trans. 

C-S-C-S 

Long. 

Trans. 

C-C-C-C 

45° 

C-C-C-S 

45° 

C-S-C-S 

45° 

1 

150.39 

136.26 

127.54 

126.73 

112.06 

149.54 

133.21 

121.08 

2 

284.49 

247.23 

271.22 

216.17 

235.41 

304.30 

264.73 

230.91 

3 

330.18 

322.66 

278.94 

316.63 

261.64 

304.30 

294.69 

285.41 

4 

444.91 

418.39 

403.69 

391.71 

370.94 

458.77 

428.48 

402.49 

5 

502.75 

444.20 

493.65 

397.28 

464.27 

541.15 

479.96 

424.33 

6 

610.52 

597.88 

533.63 

556.22 

486.28 

541.15 

534.13 

525.64 

7 

646.42 

605.25 

613.90 

600.40 

584.40 

647.21 

645.14 

598.77 

8 

713.97 

694.18 

644.42 

677.73 

588.99 

766.86 

672.20 

650.12 

9 

798.86 

720.24 

791.61 

678.50 

785.29 

857.54 

775.49 

698.81 

10 

897.38 

858.46 

836.97 

798.92 

787.20 

857.54 

851.69 

843.50 

Table  4 

Convergence  of  approximate 

FE  frequencies  (Hz)  with 

mesh  refinement 
p  =  7860  kg/m3) 

for  an 

isotropic,  simply 

supported,  square  plate 

(a  =  b  =  0.3  m, t  =  0.0032  m ,E  = 

210  x  10'  N/mm2,  v  =  0.3  and 

Uniform  mesh  size 

Vibration  mode  number 

1 

2 

3 

4 

5 

6 

2x2 

207.7 

11188.8 

11188.8 

4x4 

181.8 

517.5 

517.5 

871.8 

1311.7 

1317.0 

8x8 

175.6 

452.8 

452.8 

725.3 

965.2 

965.2 

16  x  16 

174.3 

439.1 

439.1 

700.0 

891.8 

891.8 

32x32 

174.2 

436.4 

436.4 

696.5 

876.1 

876.1 

64  x  64 

174.0 

435.6 

435.6 

695.6 

872.3 

872.3 

Exact  solution3 

174.7 

436.8 

436.8 

698.9 

873.6 

873.6 

a  Based  on  thin  (shear-rigid)  plate  theory. 


pultruded  plate  vibration  frequency  analyses.  The  sim¬ 
ply  supported  isotropic  plate  was  chosen,  because  its 
natural  frequency  is  known  exactly.  The  frequency  of 
this  plate  was  determined  using  square  meshes  ranging 
from  2x2  (coarse)  to  64  x  64  (fine)  extending  over  the 
whole  plate.  The  FE  analysis  frequencies  for  the  first  six 
vibration  modes  are  shown  in  comparison  to  the  exact 


Fig.  4.  Convergence  of  the  FE  first  mode  free  vibration  frequency  with 
mesh  refinement  (isotropic,  simply  supported,  square  plate 
(a  =  b  =  0.3  m,  t  =  0.0032  m,  E  =  210  x  109  N/mm2,  v  =  0.3  and 
p  =  7860  kg/m3). 


frequency  values  in  Table  4.  The  rate  of  convergence 
with  mesh  refinement  for  the  first  mode  of  vibration  is 
also  shown  in  Fig.  4.  It  is  evident  from  Table  4  that 
when  an  8  x  8  mesh  is  used,  the  computed  frequency 
differs  by  less  than  1  Hz  from  the  exact  frequency. 
Furthermore,  Fig.  4  shows  that  as  the  mesh  is  refined 
beyond  16  x  16,  the  FE  analysis  predicts  a  frequency 
lower  than  the  exact  value.  This  is  because  the  exact 
frequency  is  based  on  thin  and  not  shear  deformation 
plate  theory.  Based  on  the  results  of  this  frequency 
convergence  study  for  the  simply  supported,  isotropic, 
square  plate,  it  was  decided  to  use  a  uniform  32  x  32 
mesh  for  all  of  the  FE  free  vibration  analyses  of  pul¬ 
truded  GRP  plates  without  holes.  32  x  32  meshes  were 
also  used  for  the  free  vibration  analyses  of  the  pultruded 
GRP  plates  with  central  circular  cutouts.  For  the  ana¬ 
lyses,  the  meshes  were  not  uniform,  but  each  mesh  was 
arranged  so  that  the  elements  were  roughly  similar  in 
shape  and  did  not  have  any  large  obtuse  angles. 


6.  Comparison  of  experimental  and  computed  frequencies 

The  results  for  the  free  vibration  frequencies  of 
square  GRP  plates  without  cutouts  are  presented  first. 
The  results  encompass  the  three  levels  of  orthotropy/ 
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Table  5 


Comparison  of  theoretical/numerical  and  experimental  free  vibration  frequencies  (Hz)  for  3.2  mm  thick,  pultruded  GRP,  square  plates  for  three  cases 
of  material  orthotropy/anisotropy  and  six  combinations  of  clamped  (C),  simply  supported  (S)  and  free  (F)  edge  conditions 


Support  conditions 

Anal  ./Exp. 

Vibration  mode  number 

1 

2 

3 

4 

5 

6 

7 

c-c-c-c 

Theor. 

150.39 

284.49 

330.18 

444.91 

502.75 

610.52 

646.42 

(Long./Trans.) 

NASTRAN 

149.09 

281.87 

327.51 

439.11 

499.82 

607.41 

638.27 

Exp. 

140.00 

268.00 

305.00 

441.00 

497.00 

LUSAS 

149.70 

283.00 

328.40 

442.30 

500.20 

C-C-C-S  (Long.) 

Theor. 

136.26 

247.23 

322.66 

418.39 

444.20 

597.88 

605.25 

NASTRAN 

135.13 

245.01 

320.37 

413.85 

441.73 

591.01 

602.89 

Exp. 

132.00 

232.00 

376.00 

400.00 

521.00 

LUSAS 

135.70 

246.00 

416.70 

441.90 

C-C-C-S  (Trans.) 

Theor. 

127.54 

271.22 

278.94 

403.69 

493.65 

533.63 

613.90 

NASTRAN 

126.66 

269.43 

277.22 

400.25 

491.96 

531.87 

609.80 

Exp. 

125.00 

261.00 

385.00 

465.00 

555.00 

LUSAS 

127.30 

270.40 

403.10 

492.10 

C-S-C-S  (Long.) 

Theor. 

126.73 

216.17 

316.63 

391.71 

397.28 

556.22 

600.40 

NASTRAN 

125.79 

213.84 

315.10 

388.85 

393.06 

549.13 

599.27 

Exp. 

125.00 

203.00 

344.00 

370.00 

506.00 

LUSAS 

126.30 

214.80 

315.10 

389.10 

395.50 

C-S-C-S  (Trans.) 

Theor. 

112.60 

235.41 

261.64 

370.94 

464.27 

486.28 

584.40 

NASTRAN 

111.36 

233.72 

260.61 

367.97 

462.50 

485.95 

579.56 

Exp. 

113.00 

214.00 

352.00 

446.00 

529.00 

LUSAS 

111.90 

234.50 

261.40 

370.60 

423.80 

C-C-C-C  (45°) 

Theor. 

149.54 

304.30 

304.30 

458.77 

541.15 

541.15 

647.21 

NASTRAN 

146.80 

289.77 

306.77 

442.26 

530.33 

538.67 

652.28 

Exp. 

150.00 

292.00 

428.00 

505.00 

616.00 

LUSAS 

147.60 

291.30 

445.70 

532.30 

C-C-C-S  (45°) 

Theor. 

133.21 

264.73 

294.69 

428.48 

479.96 

534.13 

645.14 

NASTRAN 

130.56 

257.06 

290.99 

412.93 

474.55 

527.86 

612.48 

Exp. 

129.00 

240.00 

390.00 

437.00 

556.00 

LUSAS 

131.30 

258.40 

415.90 

476.20 

C-S-C-S  (45°) 

Theor. 

121.08 

230.91 

285.41 

402.49 

424.33 

525.64 

598.77 

NASTRAN 

119.09 

224.63 

282.73 

386.04 

422.16 

522.14 

571.57 

Exp. 

114.00 

207.00 

375.00 

397.00 

543.00 

LUSAS 

119.70 

225.80 

284.10 

388.40 

423.80 

C-F-C-F  (Long.) 

NASTRAN 

105.82 

117.37 

172.89 

292.20 

303.44 

308.14 

368.60 

Exp. 

70.00 

94.00 

172.00 

208.00 

230.00 

LUSAS 

105.90 

117.80 

174.20 

292.00 

305.00 

C-F-C-F  (Trans.) 

NASTRAN 

83.63 

97.82 

172.74 

231.07 

251.09 

238.93 

346.23 

C-F-C-F  (45°) 

NASTRAN 

86.80 

106.89 

180.79 

240.36 

268.81 

323.38 

365.85 

Exp. 

94.00 

111.00 

181.00 

258.00 

322.00 

LUSAS 

87.28 

107.60 

182.10 

241.30 

270.40 

C-C-C-F  (Long.) 

NASTRAN 

110.61 

161.48 

292.97 

297.67 

348.05 

465.58 

508.68 

Exp. 

76.00 

152.00 

246.00 

287.00 

305.00 

LUSAS 

110.80 

162.50 

294.30 

297.70 

349.80 

C-C-C-F  (Trans.) 

NASTRAN 

90.27 

161.21 

238.32 

306.10 

337.10 

462.15 

465.74 

C-C-C-F  (45°) 

NASTRAN 

95.02 

168.84 

250.34 

308.22 

335.36 

475.94 

485.32 

Exp. 

98.00 

161.00 

241.00 

296.00 

331.00 

LUSAS 

95.57 

165.90 

251.50 

309.90 

337.70 

C-F-F-F  (Long.) 

NASTRAN 

16.61 

32.92 

96.89 

107.86 

130.29 

209.07 

244.23 

Exp. 

15.00 

32.00 

77.00 

114.00 

210.00 

LUSAS 

16.60 

33.20 

97.00 

108.00 

131.00 

C-F-F-F  (Trans.) 

NASTRAN 

13.11 

30.72 

81.40 

113.90 

119.38 

207.74 

231.89 

C-F-F-F  (45°) 

NASTRAN 

13.48 

36.17 

81.51 

108.98 

129.15 

222.89 

241.13 

Exp. 

27.00 

38.00 

85.00 

110.00 

125.00 

LUSAS 

13.56 

36.29 

82.04 

109.40 

129.80 

anisotropy  defined  in  terms  of  the  orientation  of  the 
rovings,  i.e.,  longitudinal,  transverse  and  45°,  with  re¬ 
spect  to  the  x-axis  of  the  plate,  and  the  six  combinations 
of  edge  support  conditions.  Frequencies  for  the  first 


seven  modes  of  vibration  are  presented  in  Table  5.  For 
plates  with  combinations  of  clamped  (C)  and  simply 
supported  (S)  edges,  generally  four  frequencies  are  listed 
for  each  vibration  mode,  viz.,  the  theoretical  frequency 
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(e) 


(0 


Fig.  5.  MSC/NASTRAN  mode  shapes  for  the  first  six  free  vibration  modes  of  a  3.2  mm  thick,  pultruded  GRP,  square  plate  (C-F-F-F  (45°)). 


determined  from  Eq.  (1),  the  MSC/NASTRAN  FE 
frequency,  the  experimentally  determined  frequency  and 
the  LUSAS  [6]  FE  frequency.  However,  for  the  plates 
with  combinations  of  clamped  (C)  and  free  (F)  edges,  in 
general  only  three  frequency  values  are  given  in  Table  5, 
because  a  simple  closed-form  expression  similar  to  Eq. 
(1)  was  not  available.  It  is  evident  from  Table  5  that 
both  FE  analyses  predict  similar  frequency  values  for  all 
cases  and  that  the  LUSAS  values  are  slightly  higher. 
This  may  be  attributable  to  one  or  more  of  the  following 


factors:  the  use  of  a  coarser  mesh,  an  element  based  on 
thin  plate  theory  and  the  Guyan  reduction  technique, 
which  uses  lumped  masses  at  the  master  degrees  of 
freedom.  The  experimentally  determined  frequencies 
appear,  for  the  most  part,  to  be  in  reasonable  agreement 
with  both  the  theoretical  and  FE  frequency  predictions, 
especially  for  the  lower  vibration  modes  and  when  all  of 
the  plate  edges  are  supported.  For  plates  with  one  or 
more  free  edges,  some  of  the  experimental  frequencies 
for  the  first  vibration  mode  differ  significantly  from  the 
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Mode  Number 

(a) 


Mode  4  '  Mode  5 


(b) 

Fig.  6.  3.2  mm  thick,  square,  pultruded  GRP  plate  (C-F-F-F  (45°)):  (a)  comparison  of  MSC/NASTRAN  and  experimental  frequencies  and 
(b)  sketches  of  experimental  nodal  line  patterns  for  the  first  five  free  vibration  modes. 


FE  values,  but  show  much  better  agreement  for  higher 
modes.  It  is  also  evident  that  a  number  of  the  third  mode 
frequencies  were  missed  in  the  experiments,  which  is  not 
altogether  surprising  given  that  only  a  simple  experi¬ 
mental  vibration  test  rig  was  available.  The  gaps  in  the 
sixth  and  seventh  vibration  mode  columns  of  Table  5 
arise,  because  only  five  frequencies  were  determined  in 
the  vibration  tests.  Due  to  some  missed  third  mode 
frequencies  and  occasional  difficulties  in  determining  the 
nodal  line  patterns,  vibration  frequencies  and  mode 
shapes  were  computed  for  the  first  seven  vibration 
modes  in  order  to  permit  a  more  comprehensive  com¬ 
parison  between  theory  and  experiment.  As  an  illustra¬ 
tion  of  the  correlation  between  the  frequencies  and 
mode  shapes  Figs.  5  and  6  are  included.  Fig.  5  shows  the 
first  six  mode  shapes  for  a  (C-F-F-F)  plate  with  the 
rovings  oriented  at  45°  to  the  x-  and  ^-axes  of  the  plate. 
Sketches  of  the  experimental  mode  shapes  and  a  graph 
comparing  the  MSC/NASTRAN  FE  and  experimental 
frequencies  are  shown  in  Fig.  6  for  the  same  plate. 


The  difference  between  the  theoretical/numerical  and 
experimental  frequencies  in  Table  5  is  generally  less  than 
10%  and  suggests  that  orthotropic/anisotropic  thin  plate 
theory  provides  a  sound  basis  for  modelling  the  free 
vibration  response  of  pultruded  GRP  plates  without 
cutouts  under  a  variety  of  edge  support  conditions. 

The  second  and  last  set  of  frequency  results  com¬ 
parisons  are  for  square  pultruded  GRP  plates  with 
central  circular  cutouts,  with  diameters  varying  from  25 
to  125  mm  and  with  three  combinations  of  clamped  (C) 
and  simply  supported  (S)  edge  conditions.  In  this  case, 
only  MSC/NASTRAN  FE  frequencies  were  available 
for  comparison  with  the  experimental  values.  The  fre¬ 
quency  values  are  compared  for  the  first  six  vibration 
modes  in  Table  6.  In  general,  for  each  hole  size  and  edge 
support  combination,  the  two  frequency  values  are  in 
reasonably  good  agreement.  However,  it  appears  that 
some  third  mode  frequencies  were  missed  during  the 
plate  vibration  tests.  Figs.  7  and  8  illustrate,  for  the  case 
of  a  (C-C-C-C)  plate  with  a  50  mm  diameter  cutout, 
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Table  6 

Comparison  of  numerical  and  experimental  free  vibration  frequencies  (Hz)  for  3.2  mm  thick,  pultruded  GRP,  square,  plates  with  central  circular 
cutouts  and  with  three  combinations  of  clamped  (C)  and  simply  supported  (S)  edge  conditions 


Edge  conditions 
(hole  diameter  (mm)) 

Anal./Exp. 

Vibration  mode  number 

1 

2 

3 

4 

5 

6 

C-C-C-C  (25) 

NASTRAN 

147.91 

281.49 

325.14 

437.22 

494.78 

597.85 

Exp. 

134.00 

266.00 

296.00 

404.00 

457.00 

C-C-C-S  (25) 

NASTRAN 

134.00 

244.71 

317.96 

412.41 

437.79 

590.68 

Exp. 

117.00 

258.00 

372.00 

447.00 

544.00 

C-S-C-S  (25) 

NASTRAN 

124.70 

213.83 

312.79 

385.29 

391.65 

549.11 

Exp. 

114.00 

226.00 

348.00 

448.00 

520.00 

C-C-C-C  (50) 

NASTRAN 

148.45 

277.38 

319.96 

432.51 

495.18 

604.04 

Exp. 

136.00 

260.00 

294.00 

402.00 

457.00 

C-C-C-S  (50) 

NASTRAN 

134.23 

241.95 

313.55 

407.90 

436.83 

581.77 

Exp. 

120.00 

254.00 

364.00 

451.00 

C-S-C-S  (50) 

NASTRAN 

124.66 

211.47 

308.70 

385.36 

387.98 

540.52 

Exp. 

115.00 

218.00 

353.00 

450.00 

522.00 

C-C-C-C  (75) 

NASTRAN 

154.29 

268.43 

304.88 

425.70 

498.08 

616.68 

Exp. 

141.00 

252.00 

285.00 

396.00 

461.00 

C-C-C-S  (75) 

NASTRAN 

137.99 

236.57 

299.70 

401.56 

441.54 

570.57 

Exp. 

121.00 

246.00 

361.00 

464.00 

558.00 

C-S-C-S  (75) 

NASTRAN 

127.66 

205.86 

295.58 

382.83 

394.65 

529.04 

Exp. 

116.00 

208.00 

355.00 

456.00 

529.00 

C-C-C-C  (100) 

NASTRAN 

168.02 

259.39 

288.17 

414.42 

489.25 

612.66 

Exp. 

146.00 

246.00 

270.00 

385.00 

463.00 

C-C-C-S  (100) 

NASTRAN 

146.69 

231.26 

283.55 

391.88 

443.91 

565.49 

Exp. 

125.00 

239.00 

348.00 

525.00 

574.00 

C-S-C-S  (100) 

NASTRAN 

135.20 

197.97 

279.79 

374.29 

405.13 

524.78 

Exp. 

124.00 

203.00 

359.00 

469.00 

550.00 

C-C-C-C  (125) 

NASTRAN 

192.30 

259.81 

287.62 

400.79 

479.30 

609.78 

Exp. 

162.00 

254.00 

273.00 

378.00 

472.00 

C-C-C-S  (125) 

NASTRAN 

160.26 

234.39 

282.08 

379.75 

444.62 

564.16 

Exp. 

140.00 

238.00 

348.00 

525.00 

574.00 

C-S-C-S  (125) 

NASTRAN 

148.36 

192.17 

277.73 

362.47 

413.35 

525.89 

Exp. 

128.00 

186.00 

375.00 

480.00 

573.00 

the  typical  level  of  agreement  between  the  FE  and  ex¬ 
perimental  free  vibration  frequencies  and  mode  shapes. 

In  order  to  illustrate  some  general  trends  observed  in 
both  the  experimental  and  FE  vibration  frequencies  of 
3.2  mm  thick  pultruded  GRP  plates,  Figs.  9  and  10  have 
been  compiled  from  the  first  mode  vibration  frequencies 
given  in  Tables  5  and  6.  In  Fig.  9,  the  fundamental 
frequencies  are  plotted  against  the  six  edge  support 
combinations  in  order  of  decreasing  edge  rotational  and 
translational  restraint,  i.e.,  as  the  edge  supports  are 
changed  from  C-C-C-C  through  C-S-C-S  to  C-F-F- 
F,  for  the  three  cases  of  material  orthotropy/anisotropy. 
It  is  evident  that  the  overall  trend  of  reducing  frequency 
with  decreasing  edge  restraint  applies  irrespective  of 
whether  the  rovings  in  the  plate  are  oriented  in  the 
longitudinal,  transverse  or  45°  directions.  Perhaps  the 
most  striking  feature  of  Fig.  9  is  the  dramatic  reduction 
in  frequency  that  arises  on  changing  the  edge  support 
combination  from  5  (C-F-C-F)  to  6  (C-F-F-F).  The 
experimental  frequencies  show  the  same  overall  trends 
as  the  FE  frequencies.  However,  for  plates  with  the 
rovings  in  the  longitudinal  direction  and  edge  support 
combinations  4  (C-C-C-F)  and  5  (C-F-C-F),  the  ex¬ 


perimental  frequencies  are  substantially  lower  than  the 
FE  values. 

Fig.  10  shows  a  comparison  of  the  first  mode  FE  and 
experimental  frequencies  as  a  function  of  the  hole  size 
ratio  for  three  combinations  of  clamped  (C)  and  simply 
supported  (S)  edges.  Both  sets  of  results  show  that  the 
frequency  increases  as  the  hole  size  ratio  increases.  In  all 
cases,  the  experimental  frequencies  are  lower  than  the 
theoretical  values  and  the  frequencies  are  also  observed 
to  reduce  as  the  degree  of  rotational  edge  restraint  is 
relaxed. 


7.  Concluding  remarks 

A  series  of  small  amplitude  vibration  tests  have  been 
carried  out  on  3.2  mm  thick,  square  pultruded  GRP 
plates  with  three  orientations  of  the  principal  material 
axes  and  six  edge  support  combinations.  The  free  vi¬ 
bration  frequencies  and  mode  shapes  observed  in  the 
tests  have  been  compared  with  corresponding  frequen¬ 
cies  and  mode  shapes,  obtained  from  approximate 
closed-form  expressions  and  numerical  FE  analysis.  The 
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Output  Set:  Mode  2  277.38  Hz 
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Output  Set:  Mode  3  319.9625  Hz 
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Output  Set:  Mode  4  432.5133  Hz 
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Output  Set:  Mode  6  604.0425  Hz 
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Fig.  7.  MSC/NASTRAN  modes  shapes  for  the  first  six  free  vibration  modes  of  a  3.2  mm  thick,  pultruded  GRP,  square  plate  with  a  50  mm  diameter, 
central  circular  cutout  (C-C-C-C). 


theoretical/numerical  and  experimental  results  have 
been  shown  to  be  in  reasonably  good  agreement  with,  in 
general,  corresponding  frequency  values  differing  by  less 
than  10%.  This  suggests  that  thin  orthotropic/aniso¬ 
tropic  plate  theory  provides  a  sound  basis  for  modelling 
the  free  vibration  response  of  pultruded  GRP  plates, 
despite  their  relatively  heterogeneous  fibre  architectures. 

Free  vibration  frequencies  and  mode  shapes  were  also 
determined  experimentally  for  pultruded  GRP  plates 


with  central  circular  cutouts  and  three  combinations  of 
clamped  (C)  and  simply  supported  (S)  edge  conditions. 
Again,  it  was  shown  that  reasonably  good  approxima¬ 
tions  to  the  observed  frequencies  and  mode  shapes  could 
be  obtained  with  numerical  FE  analyses  based  on  thin 
and  moderately  thick  orthotropic/anisotropic  plate 
theory. 

It  has  also  been  shown,  both  numerically  and  exper¬ 
imentally,  that,  irrespective  of  the  degree  of  material 
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(a) 


(b) 

Fig.  8.  3.2  mm  thick,  square,  pultruded  GRP  plate  with  a  50  mm  diameter,  central  circular  cutout  (C-C-C-C):  (a)  comparison  of  MSC/NASTRAN 
and  experimental  frequencies  and  (b)  sketches  of  experimental  nodal  line  patterns  for  the  first  five  free  vibration  frequencies. 


Plate  Edge  Support  Conditions  Hole  Size  Ratio 


Fig.  9.  Comparison  of  FE  and  experimental  first  mode  vibration  fre¬ 
quencies  of  3.2  mm  thick,  pultruded  GRP  plates  for  three  cases  of 
material  orthotropy/anisotropy  and  for  successive  relaxation  of  the 
edge  restraints  (1  =  C-C-C-C,  2  =  C-C-C-S,  3  =  C-S-C-S,  4  =  C-C- 
C-F,  5  =  C-F-C-F  and  6  =  C-F-F  F). 


Fig.  10.  Comparison  of  FE  and  experimental  first  mode  vibration 
frequencies  versus  hole  size  ratio  for  3.2  mm  thick,  pultruded  GRP 
plates  for  three  cases  of  material  orthotropy/anisotropy  and  for  three 
combinations  of  clamped  (C)  and  simply  supported  (S)  edge  condi¬ 
tions. 
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orthotropy,  the  first  mode  vibration  frequencies  of 
square,  pultruded  GRP  plates  without  cutouts  decrease 
as  the  rotational  and  translational  edge  restraint  is 
successively  relaxed.  Moreover,  it  has  been  demon¬ 
strated  that  there  is  a  very  large  reduction  in  frequency 
when  the  number  of  supported  edges  reduces  from  two 
to  one. 

Finally,  for  pultruded  GRP  plates  with  central  cir¬ 
cular  cutouts  and  with  three  combinations  of  clamped 
(C)  and  simply  supported  (S)  edges,  it  has  been  shown 
that  the  first  mode  vibration  frequencies  increase  more 
rapidly  as  the  hole  size  ratio  increases. 
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Abstract 

In  the  aircraft  industry  the  use  of  externally  bonded  composite  repairs  has  become  an  accepted  way  of  repairing  fatigue,  or 
corrosion,  damaged  metallic  structural  components.  However,  current  NDI  and  damage  assessment  techniques  for  composite  re¬ 
pairs  are  passive  and  generally  performed  on  ground.  The  challenge  is  to  develop  new  techniques  utilising  recent  analytical  and 
experimental  tools.  This  report  examines  the  use  of  optical  fibre  sensors.  Optical  fibres  offer  a  means  of  monitoring  the  load  transfer 
process  in  these  repairs,  and  can  therefore  be  used  to  provide  an  indication  of  the  integrity  of  the  repair.  This  paper  describes  the  use 
of  an  array  of  fibre  Bragg  grating  strain  sensors  (FBGs)  for  the  in  situ  monitoring  of  bonded  repairs  to  aircraft  structures  and,  in 
particular,  the  monitoring  of  crack  propagation  beneath  a  repair.  In  this  work  the  FBGs  have  been  multiplexed  using  a  combination 
of  wavelength  and  spatial  techniques  employing  a  tunable  Fabry-Perot  (FP)  filter  to  track  individual  gratings.  The  multiplexed 
FBGs  were  then  surface-mounted  on  a  boron-epoxy  unidirectional  composite  patch  bonded  to  an  aluminium  component.  The 
sensors  were  located  so  as  to  monitor  the  changing  stress  field  associated  with  the  propagation  of  a  crack  beneath  the  patch.  The 
ability  of  relating  experimental  results  to  sensor  readings  is  then  confirmed  using  both  a  thermo-elastic  scan  of  the  patch  and  3D 
finite  element  analysis.  ©  2000  Published  by  Elsevier  Science  Ltd.  All  rights  reserved. 
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1.  Introduction 

The  downturn  of  global  economy  coupled  with  the 
high  acquisition  cost  associated  with  modern  military 
and  civilian  aircraft  has  resulted  in  greater  utilisation  of 
the  existing  aircraft  fleet.  This  trend,  in  operating  air¬ 
craft  to  and  beyond  their  intended  design  life,  has  been 
reflected  in  an  increasing  number  of  structurally  signif¬ 
icant  defects  and  increases  the  possibility  of  a  reduction, 
or  loss  of  structural  integrity  due  to  fatigue.  Recent  di¬ 
sasters  to  both  the  civilian  and  military  fleets  have 
highlighted  the  importance  and  difficulties  associated 
with  the  management  of  these  ageing  fleets. 

The  requirement  for  continued  airworthiness  of  age¬ 
ing  aircraft  has  also  fuelled  the  development  of  repair 
technology.  The  application  of  bonded  composite 
patches  to  repair-  and  reinforce-damaged  metallic 
structures  is  one  such  development  that  is  widely  be¬ 
coming  recognised  as  a  versatile  and  effective  repair 
procedure  [1].  It  has  been  applied  to  the  primary  struc¬ 
ture  of  the  F-l  1 1C,  to  repair  cracking  in  the  lower  wing 
skin,  and  to  damage  in  civil  transport  aircraft  [2].  This 
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patching  restores  the  strength  and  stiffness  of  the 
structure,  and  retards  crack  growth  by  reducing  the 
stress  intensities. 

The  Aloha  incident  focused  public  and  government 
attention  on  the  problem  of  ageing  aircraft.  The  Aloha 
accident  also  revealed  that  multiple  mechanical  repairs, 
in  close  proximity,  can  compromise  on  structural  in¬ 
tegrity.  However,  continued  airworthiness  is  of  para¬ 
mount  importance  and  it  is  essential  that  structural 
integrity  be  maintained  after  repairs  have  been  installed. 
Thus  a  methodology,  and  the  associated  documentation, 
must  be  prescribed  against  which  (any)  repair  can  be 
assessed  and  approved.  This  awareness  has  subsequently 
led  to  the  requirement  [3]  that  all  repairs  to  RAAF 
(Royal  Australian  Airforce)  aircraft  must  satisfy  dam¬ 
age-tolerant  requirements. 

To  assist  in  this  task  the  current  studies  are  focused 
on  the  assessment  of  new  techniques  in  order  to  achieve 
in  situ  measurement  of  repair  integrity  and  effectiveness. 
This  would  allow  the  operator  to  move  away  from 
current  costly  time-based  maintenance  procedures  to 
real-time  health  condition  monitoring  of  bonded  re¬ 
pairs.  Such  a  system  would  also  permit  timely  decisions 
to  be  made  on  preventative  and  scheduled  maintenance. 
In  this  work  attention  is  focused  on  a  fibre  optic  in  situ 
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monitoring  technique  to  detect  and  monitor  crack 
growth  and  debonding  under  bonded  repairs. 


2.  Optical  fibre  techniques 

To  evaluate  the  ability  of  optical  fibre  techniques  to 
assess  damage  in  composites  an  initial  experimental 
programme  was  conducted  on  cracked  aluminium  skins 
3.14  mm  thick.  Each  plate  had  an  edge  crack  10  mm 
long  which  was  repaired  with  a  semicircular  unidirec¬ 
tional  boron/epoxy  patch.  The  aluminium  skins  were 
tested  back-to-back  separated  by  a  honeycomb  sand¬ 
wich  core,  see  Fig.  1.  The  initial  crack  was  then  grown 
under  constant  amplitude  fatigue  loading  to  a  length  of 
40  mm. 

This  test  configuration  was  chosen  to  minimise  the 
effects  of  bending  and  is  widely  used  to  represent  the 
constraint  conditions  seen  in  a  typical  military  aircraft 
structure  [1]. 

2.7.  Finite  element  analysis 

To  investigate  the  optimal  placement  of  these  sensors, 
and  to  validate  the  sensor  readings,  the  specimen  was 
modelled  using  finite  element  (FE)  analysis.  This  anal¬ 
ysis  was  also  useful  in  examining  the  relative  merit  of 
sensor  embedding  versus  surface  mounting. 

The  FE  model  used  iso-parametric  20-noded  brick 
elements  to  model  the  3.14  mm  aluminium  panel,  the  0.9 
mm  adhesive  layer  and  the  boron  repair.  The  material 


properties  used  to  model  the  various  components  of  the 
specimen  are  given  in  Table  1. 

Using  the  symmetry  of  the  component  it  was  only 
necessary  to  model  half  of  one  panel,  see  Figs.  2(a)  and 
(b).  To  simplify  geometry  of  the  model,  the  boron  repair 
was  taken  to  be  square  rather  than  semicircular,  and  the 
tapered  edges  of  the  patch  were  also  ignored.  This 
simplification  makes  very  little  difference  to  the  stresses 
near  the  crack  face.  The  FE  model  was  restrained  such 
that  it  simulated  a  45  mm  edge  crack  in  the  aluminium 
panel  and  adhesive,  with  the  boron  repair  covering  it. 

Due  to  the  high  stiffness  of  the  boron  patch  in  the 
direction  of  the  boron  fibres,  it  is  clear  that  the  stresses 
will  be  predominantly  in  the  fibre  direction.  In  this  case 
the  boron  fibres  lie  in  the  y-direction  therefore  it  is  in 
this  direction  that  the  surface  stresses  and  subsequently 
strains  were  highest.  The  loading  condition  applied  to 

Table  1 

Material  properties  used  in  the  FE  analysis 

Aluminium 

Young’s  modulus  71  000  MPa 

Poisson’s  ratio  0.33 

Adhesive 

The  values  for  the  compliance  matrix 

Sxx  =  Syy  =  S/Z  =  Sxz  =  Sxy  =  Syz  =  SHyz.  =  SHyy  =  SHy/ 

-  5.2632E  -  4 

Boron  repair 

The  values  for  the  compliance  matrix  were 

Sxx  -  3.932E  -  5,  SYY  -  4.807E  -  6,  Szz  =  3.932E  -  5, 

Sxz  =  — 6.558E  —  6,  Sxv  =  -8.8014E  -  7,  Sxx  =  -8.8014E-7, 

SHxz  -  1 .38 IE  -  4,  SHxy  -  1.381E  -  4,  SHYZ  -  1.381  E  -  4 


Y 


> 


Fig.  1 .  Schematic  of  the  specimen  used  for  this  experimental  pro-  Fig.  2.  FE  mesh  used  to  describe  the  specimen  viewed  from  (a)  above 
gramme.  and  (b)  the  side. 
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this  model  was  a  (remote)  70  kN  surface  load,  in  the  y - 
direction,  acting  on  at  the  edge  of  the  specimen.  The 
resultant  £yy  strains  on  both  the  top  and  bottom  surfaces 
of  the  repair  are  shown  in  Figs.  3  and  4. 

2.2.  Thermo-elastic  analysis 

Thermo -elastic  emissions  have  been  shown  to  be  a 
useful  tool  for  describing  the  structural  significance  of 
impact  damage  and  other  damage  sites  [11].  The  thermal 
emissions  can  be  related  to  the  surface  strains  on  the 
composite  patch  through  the  following  equation  [11]: 

AT  , 

~pcE—~=  (an  Atrii  +  a2  2A022),  (1) 

-*0 

where  AT  is  the  local  cyclic  change  in  temperature,  T0 
the  local  absolute  temperature,  p  the  density,  au  the 
coefficient  of  thermal  expansion,  c£  the  specific  heat  at 
constant  strain  and  Act  a  is  the  cyclic  principal  stress 
amplitude.  The  subscripts  1  and  2  denote  the  directions 
parallel  and  perpendicular  to  the  fibre.  For  specimens 
with  unidirectional  patches,  as  is  the  case  here,  stresses 


on  the  surface  of  the  patch  are  predominantly  in  the 
fibre  direction,  therefore  the  thermo-elastic  scan  basi¬ 
cally  represents  the  <jn  surface  stress  distribution. 

In  the  present  investigation  changes  in  the  thermal 
emission  signal  are  measured  using  a  system  marketed 
under  the  trade  name  SPATE  8000  which  has  a  spatial 
temperature  resolution  of  0.25  mm2  and  0.001  K,  re¬ 
spectively.  The  infrared  camera  was  placed  approxi¬ 
mately  0.5  m  from  the  specimen  and  scans  were 
performed,  under  cyclic  loading  of  40  ±  30  kN  at  10  Hz, 
when  the  crack  reached  40  and  50  mm.  The  resultant 
scans  can  be  seen  in  Figs.  5(a)  and  (b). 

2.3.  Sensor  placement 

It  had  been  hoped  to  investigate  both  embedded  and 
surface  bonded  FBGs.  However,  since  the  component 
was  already  fabricated  with  a  bonded  boron  repair  the 
analysis  of  the  embedded  sensors  was  limited  to  the  re¬ 
sults  obtained  from  the  FE  analysis. 

From  both  the  SPATE  and  FE  analyses  of  the 
cracked  specimen  the  main  features  visible  on  the 
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Fig.  3.  Surface  e22  strains  on  the  top  surface  of  the  boron  repair  when  loaded  axially  by  70  kN. 
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Fig.  4.  Surface  £22  strains  on  the  bottom  surface  of  the  boron  repair,  axial  load  of  70  kN. 


surface  of  the  repair  are  a  region  of  high  stress  on  either 
side  of  the  crack  that  extends  ~7-8  mm  in  front  of  the 
crack  tip.  The  SPATE  scan  also  shows  a  region  of  low 
stress  that  lies  behind  the  crack  tip. 

To  pick  up  these  features  two  gratings  were  written  in 
a  single  optical  fibre  having  Bragg  wavelengths  of 
Aj  =  1534  nm  and  A2  =  1536  nm.  These  gratings  had 
high  reflectivities  (80-90%),  FWHM  of  approximately 
0.5  nm,  and  a  gauge  length  of  around  5  mm.  The  grat¬ 
ings  were  located  7  mm  apart,  such  that  one  grating 
would  be  placed  in  line  with  the  crack  tip  and  the  second 
would  be  7  mm  off  to  the  side  of  the  crack,  as  can  be 
seen  illustrated  in  Fig.  6.  A  third  FBG  A3  =  1534  nm  on 
a  separate  optical  fibre  was  used  to  compensate  for  the 
thermal  drift  and  the  drift  associated  with  the  instru¬ 
mentation. 

2.4.  Optical  instrumentation 

Temperature  and  strain  both  affect  the  Bragg  wave¬ 
length  as  they  affect  the  physical  properties  of  the  fibre, 
resulting  in  changes  in  the  refractive  index  and  the  pe¬ 
riod  of  the  grating.  Thus  FBGs  can  be  used  to  give  an 
absolute  measurement  of  strain  encoded  in  a  wavelength 
shift.  The  wavelength  shift  AABS,  for  an  applied  longi¬ 
tudinal  strain  As  is  given  by: 

AABs  —  Ab(1  —  Ac)Afi,  (2) 

where  pa  is  the  photoelastic  coefficient  of  the  fibre. 

px  *kn2/2\pn  ~  v(pn  - Pn%  (3) 

where  pu  and  p\2  are  the  components  of  the  fibre  optic 
strain  tensor  and  v  is  Poisson’s  ratio.  Similarly  for  a 


temperature  change  of  AT,  the  corresponding  wave¬ 
length  shift  is  given  by 

AAbt  =  Ab(1  +  C)AT,  (4) 

where  c  is  the  fibre  thermo-optic  coefficient.  For  silica 
fibre,  the  wavelength  sensitivities  of  a  1.55  pm  FBG 
have  been  measured  as  1.15  pm/pc,  and  13  pm/°C  [4]. 

The  precise  measurement  of  wavelength  is  therefore 
the  key  to  strain  measurement  using  FBGs.  Many 
techniques  for  monitoring  FBGs  are  available  and  have 
been  discussed  in  depth  in  the  literature,  including  edge 
filtering  [5],  tunable  filters  [6,7],  and  interrogation  sys¬ 
tems  based  on  interferometric  scanning  [8].  For  this 
work  a  tunable  FP  filter  was  used  to  track  the  Bragg 
wavelength,  see  Fig.  7.  It  was  selected  as  it  gives  rea¬ 
sonable  resolution  ±25  pa  and  a  large  dynamic  range. 

To  multiplex  several  FBGs  onto  a  single  optical  fibre 
a  broad  band  source  is  required.  In  this  investigation  an 
erbium  doped-fibre  amplifier  (EDFA)  was  used,  which 
had  an  FWHM  of  approximately  30  nm  centred  around 
1550  nm.  The  light  from  this  source  was  passed  through 
a  3  dB  coupler  to  the  array  of  gratings.  The  two  optical 
fibres  were  addressed  by  means  of  spatial  multiplexing 
device,  the  York  Switch  master.  This  device  can  me¬ 
chanically  shift  the  coupling  condition  to  address  up  to 
seven  output  optical  fibres.  The  reflected  signals  from 
the  FBGs  were  partially  collected  by  the  second  arm  of 
the  coupler  and  directed  to  the  tunable  FP  filter  which 
was  locked  onto  one  of  the  Bragg  reflections.  The  Mi¬ 
cron  Optics  FP  filter  and  controller  can  operate  in  one 
of  the  three  modes,  manual,  locked  or  ramped.  In  the 
locked  mode  the  controller  outputs  a  1.5  kHz  dither 
signal  which  permits  the  tracking  of  the  peak  reflected 
Bragg  wavelength.  The  feedback  voltage  controlling  the 
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b) 

Fig.  5.  SPATE  scan  of  the  bonded  repair  with:  (a)  40  mm  crack;  (b)  50  mm  crack. 


FP  was  then  used  to  calculate  the  strain  since  it  is  pro¬ 
portional  to  the  shift  in  the  wavelength  of  the  FP  filter 
and  subsequently  also  the  Bragg  wavelength.  The  FBG 
sensors  were  calibrated  by  straining  a  grating  by  known 
amounts  and  measuring  the  change  in  feedback  voltage. 
In  this  case  the  effect  of  temperature  variations  was  ig¬ 
nored  since  these  measurements  were  made  in  a  con¬ 
trolled  environment. 

2.5.  Experimental  procedure 

The  specimen  described  above  was  instrumented  with 
FBGs  after  it  was  fully  fabricated.  Hence  only  the 
strains  due  to  the  cyclic  loads  could  be  measured.  The 


cracks  were  grown  under  constant  amplitude  loading 
using  two  different  loading  conditions,  see  Table  2. 
Strain  measurements  were  made,  as  the  crack  pro¬ 
gressed,  at  load  levels  of  0  and  70  kN.  Tests  were  con¬ 
ducted  using  a  500  kN  MTS  uni-axial  hydraulic  testing 
machine. 

Loading  condition  1  was  maintained  for  6000  cycles, 
interrupting  the  cyclic  loading  every  2000  cycles  to  carry 
out  a  strain  survey  and  measure  crack  length.  However, 
the  crack  growth  rate  was  too  low  therefore  the  re¬ 
mainder  of  the  test  was  performed  at  loading  condition 
2,  interrupting  the  loading  every  5000  cycles  to  make 
strain  readings  and  to  measure  the  crack  length,  as  is 
illustrated  in  Fig.  8.  The  crack  length  was  measured 
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Fig.  6.  Diagram  of  specimen  showing  the  sensor  placement. 


EDFA  1550nm  Source 


Bragg  gratings 


Fabry-Perot  Filter  Voltmeter  Display 

Fig.  7.  Bragg  grating  sensor  with  a  tunable  filter  for  tracking. 


Fig.  8.  Crack  growth  as  a  function  of  the  number  of  fatigue  cycles. 


using  a  portable  Zetec  eddy-current  instrument,  with  a 
50-500  kHz  differential  probe. 

After  61  000  cycles  the  testing  was  discontinued  due 
to  the  unusual  manner  in  which  the  specimen  was  de¬ 
forming  under  the  uniaxial  loading.  A  closer  examina¬ 
tion  of  the  specimen  revealed  that  the  aluminium  panel 
on  the  reverse  side  (the  side  that  had  not  been  instru¬ 
mented  with  gratings)  had  cracked  right  through  thus 
changing  the  loading  conditions. 

2. 6.  Results  and  discussion 

The  specimen  was  tested  under  the  loading  conditions 
described  above,  and  the  edge  crack  was  grown  from 
40-54  mm  long.  Fig.  9  shows  the  change  in  the  strain, 
under  a  fixed  70  kN  load,  as  seen  by  the  two  FBGs  at¬ 
tached  to  the  boron  repair  as  the  crack  approaches  and 
then  passes  underneath  the  sensors.  The  sensors  were 
located  50  mm  from  the  edge  of  the  sample. 

It  is  clear  from  Fig.  9  that  as  the  crack  approached 
sensor  1,  which  was  located  directly  over  the  crack,  the 
strain  readings  increased  until  the  crack  reaches  the 
sensor  (50  mm).  At  this  point  the  strain  readings  dropped 
to  a  minimum.  Sensor  2,  however,  lags  sensor  1  and  does 
not  see  this  drop  in  strain  but  continues  to  rise.  This 
result  is  entirely  consistent  with  the  thermo-elastic  scan 
and  partially  consistent  with  the  FE  analysis  both  of 
which  show  that  the  maximum  strains  do  not  occur  over 
the  crack  but  reach  a  maximum  on  either  side  of  the 
crack.  This  is  illustrated  in  the  detailed  thermo-elastic 
scan  shown  in  Fig.  10.  The  maximum  strains  occurring 
on  either  side  of  the  crack  are  due  to  shear  lag  and  the 


Table  2 


Description  of  the  applied  stresses  for  each  load  case 


Load  condition 

1 

2 

Stress  (MPa),  Max,  <xmax 

120.0 

180.0 

Min,  (Tmin 

12.0 

72.0 

R  ratio,  Cmin/thruix 

0.1 

0.4 

Applied  load 

Ptrnw 

122.0 

184.0 

Pm\n 

13.0 

3.0 

38  40  42  44  46  48  50  52  54 

Crack  length  (mm) 


Fig.  9.  Bragg  sensor  response  versus  crack  length. 
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Fig.  10.  Thermo-elastic  scan  of  specimen  with  a  45  mm  edge  crack. 


approximately  8  mm  away,  and  then  later  by  sensor  2. 
This  was  also  consistent  with  the  thermo-elastic  scans 
which  show  a  region  of  high  strain  preceding  the  crack 
tip.  The  FE  model,  however,  failed  to  show  either  the 
region  of  high  stress  preceding  the  crack  tip  or  the  low 
stress  region  behind  the  crack  tip,  both  of  which  are 
apparent  in  both  the  thermo-elastic  scans  and  the  sensor 
readings.  The  reason  for  the  FE  model  not  picking  up 
these  details  was  due  to  the  constraint  conditions  in  the 
z-direction  imposed  on  the  model  differing  from  those  in 
the  test.  It  is  also  possible  that  a  fair  amount  of  deb¬ 
onding  occurred  around  the  cracked  region.  This  deb¬ 
onding  was  also  not  modelled  in  the  FE  analysis. 


resulting  load  path  eccentricity  as  the  load  passes  up  into 
the  patch  over  the  cracked  region.  The  longer  the  crack 
becomes  the  higher  the  peaks  and  the  lower  the  troughs 
will  appear.  Similar  results  were  also  reported  in  the 
previous  work  done  on  a  similar  test  sample  [9]. 

Another  observation  from  the  results  is  that  the  strain 
was  picked  up  first  by  sensor  1,  when  the  crack  tip  was 


3.  Application  of  surface  bonded  fibre  optic  array  on  a 
cracked  patched  specimen 

Following  this  initial  test  programme  the  use  of  an 
array  of  surface  mounted  optical  fibres,  OF1-OF4,  was 
then  investigated,  see  Fig.  11.  To  give  a  far-field  reading 
fibre  OF1,  containing  a  single  sensor  SI,  was  bonded  to 


Fig.  11.  Diagram  showing  sensor  placement  on  the  cracked  patched  specimen. 
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the  aluminium  skin  using  a  cyno-acrylate  adhesive.  The 
remaining  three  optical  fibres  were  bonded  to  the  top 
surface  of  the  boron  repair  also  using  a  cyno-acrylate 
adhesive.  These  sensors  were  then  completely  buried 
beneath  a  thick  layer  of  room  temperature  curing  ad¬ 
hesive  so  as  to  protect  the  optical  fibres  and  also  provide 
a  smooth  surface  for  making  the  eddy  current  mea¬ 
surements  of  crack  length. 

3.1.  Cracked  patched  specimen  results 

In  this,  second,  test  programme  the  crack  was  grown 
under  a  FALSTAFF  fatigue  load  spectrum  that  at¬ 
tempts  to  simulate  flight  loads  experienced  by  a  military 
aircraft.  As  the  crack  progressed  a  series  of  static  strain 
readings  were  periodically  undertaken,  the  experimental 
set-up  can  be  seen  in  Fig.  12,  at  load  levels  of  0  and  70 
kN,  see  Figs.  13-16. 

These  results  clearly  demonstrate  the  ability  of  optical 
fibre  sensor  array  to  monitor  crack  growth  under  the 
bonded  repair.  This  can  be  seen  in  the  results  from  OF2 
in  Fig.  15,  located  25  mm  from  the  panel  edge.  The  strain 
can  be  seen  to  initially  increase  as  the  crack  approaches 
the  sensors  S2-S5.  It  continues  to  increase  as  the  crack 
passes  these  sensors,  with  the  exception  of  S4  which  ex¬ 
periences  a  decrease  as  the  crack  passes  directly  under 


Fig.  1 2.  Photograph  of  the  experimental  set-up. 
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Fig.  13.  Change  in  strain  with  crack  length  OF1. 
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Fig.  14.  Change  in  strain  with  crack  length  OF2. 
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Fig.  15.  Change  in  strain  with  crack  length  OF3. 
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Fig.  16.  Change  in  strain  with  crack  length  OF4. 


this  sensor.  This  is  to  be  expected  as  a  valley  of  low  strain 
exists  directly  over  the  crack  with  ridges  of  high  strain  on 
either  side.  Such  a  shear  lag  effect  is  caused  by  the  load 
flowing  up  into  the  patch  causing  local  bending. 

Sensors  S6-S9,  located  30  mm  from  the  edge  of  the 
panel,  exhibited  a  similar  trend  as  can  be  seen  in  Fig.  16. 
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Here  sensor  S7  was  located  over  the  crack  and  experi¬ 
enced  low  strain  readings  as  the  crack  passes  underneath 
it.  Sensors  S6,  S8  and  S9  continued  to  increase  as  ex¬ 
pected. 

OF4  also  exhibited  a  similar  trend  as  the  crack  ap¬ 
proaches  the  optical  fibre  sensors  located  40  mm  from 
the  edge  of  the  patch  the  strain  increases.  The  initial 
decrease  in  S12  was  attributed  to  debonding  of  the 
sensor.  However,  as  the  crack  passes  beneath  S10  begins 
to  decrease. 

Residual  strains  in  the  specimen  were  also  measured 
by  tracking  the  absolute  wavelength  values  of  the  Bragg 
gratings  over  the  test  period  under  a  0  kN  load.  These 
results  are  presented  in  Figs.  17-19  as  a  wavelength  shift 
against  crack  length. 
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Fig.  17.  Residual  strain  OF2. 
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Fig.  18.  Residual  strain  OF3. 
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Fig.  19.  Residual  strain  OF4. 


The  change  in  the  residual  strains  appears  to  mimic 
the  effect  seen  under  load  with  the  sensors  over  the  crack 
having  negative  residual  strains  while  those  to  the  sides 
of  the  crack  having  positive  residual  strains.  These  re¬ 
sults  validate  the  previous  work  done  using  similar 
specimens  instrumented  with  electrical  strip  strain 
gauges  [2]. 

3.2.  Problems  encountered 

While  conducting  this  experiment  several  issues  ar¬ 
ose: 

3.2.  L  Fibre-structure  bond  integrity 

The  bond  between  the  optical  fibre  and  the  structure 
in  two  of  the  fibres  degraded  during  the  test  programme. 
The  first  of  these  debonds  occurred  on  OF4  and  resulted 
in  a  drop  in  the  strain  seen  by  S12  from  590  to  490  ps. 
The  quality  of  the  S4  bond  is  obviously  in  doubt  for  the 
remainder  of  this  experiment  even  though  it  now  ap¬ 
pears  to  be  consistently  giving  reasonable  results. 

The  far-field  optical  fibre  sensor  SI  also  debonded 
during  the  testing.  This  sensor  was  fixed  by  applying  a 
layer  of  5  min  Araldite  over  it.  When  the  Araldite  was 
fully  cured  the  sensor  once  again  returned  the  same 
strain  readings  that  it  had  given  prior  to  debonding. 

Since  these  problems  were  encountered  experiments 
have  been  conducted  which  demonstrate  that  Araldite 
and  AE10,  a  room-curing  epoxy  from  M-bond,  both 
provide  adequate  bonds  up  to  at  least  1500  pc.  The  fa¬ 
tigue  performance  of  these  epoxies  requires  further 
evaluation.  It  is  clear  that,  without  a  suitable  surface 
treatment  to  the  glass  cy no-acrylate,  super  glue,  is  not  a 
suitable  adhesive  for  bonding  optical  fibres.  Fibre  glass 
manufacturers  use  a  silane  solution  to  treat  the  glass 
fibres  before  curing  them  in  epoxy.  A  similar  treatment 
may  well  be  of  benefit  when  bonding  the  optical  fibre 
sensors  to  a  structure. 

3.2.2.  Bragg  spectra  distortion  by  strain  gradients 

In  the  conventional  use  of  fibre  Bragg  gratings,  the 
sensors  are  assumed  to  have  uniform  strains  along  their 
working  length.  In  this  case  the  shift  in  the  Bragg 
wavelength  is  proportional  to  the  change  in  length,  and 
hence  the  strain,  of  the  grating.  The  Micron  Optics 
FBG-IS  instrument  uses  this  principle  to  measure  the 
strain.  A  linear  strain  gradient  over  the  sensing  length 
produces  a  chirping  of  the  grating  and  results  in  a 
change  in  both  the  Bragg  wavelength  and  the  shape  of 
the  Bragg  reflection  [10]. 

Strain  gradients  occur  in  many  practical  problems 
especially  when  cracks  and  flaws  are  present  in  the 
structure.  FE  analysis  of  the  cracked  patched  specimen 
indicated  the  presence  of  large  strain  gradients  on  the 
surface  of  the  patch  over  the  crack3.  As  a  result  we  would 
expect  that  for  a  sensor  at  this  high  strain  location  the 
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Micron  Optics  instrument  should  have  problems  proving 
a  strain  reading.  This  phenomenon  was  found  to  occur 
for  a  crack  length  of  25  mm,  see  Fig.  20,  when  attempting 
to  read  sensor  OF2  at  a  load  level  of  70  kN. 

The  opportunities  thus  arising  from  severe  strain 
gradients  can  best  be  understood  by  examining  some  of 
the  Bragg  spectra  using  an  ANDO  optical  spectrum 
analyser  as  illustrated  in  Fig.  21. 

Sensor  S6,  Fig.  21(a),  clearly  shows  the  effect  of 
chirping  of  the  grating  period.  In  this  case  what  was 
originally  a  fairly  standard  Bragg  reflection  spectra  has 
become  a  complex  spectra  containing  multiple  peaks. 
Such  a  complex  spectra  can  confuse  the  FBG-IS  in¬ 
strument,  which  relies  on  a  simple  peak  detection  algo¬ 
rithm. 

This  feature  can  be  used  to  enable  optic  fibre  tech¬ 
nology  to  monitor  delamination  under  the  patch.  In  this 
case  it  will  be  possible  to  choose  a  sensor  length  such 
that  without  a  delamination  the  severe  strain  gradient 
will  result  in  there  being  no  sensor  readings  for  sensors 
located  in  this  region.  When  the  patch  debonds  the 
strain  gradient  will  become  more  uniform  and  a  sensor 
readings  will  be  obtained. 


OF  2  Strain  Survey  (25mm  Crack  Length) 
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Fig.  20.  Strain  survey  of  OF2. 


4.  Strain  monitoring  in  a  TTCP  test  specimen 

To  further  evaluate  the  performance  of  smart  sensors 
The  Technical  Cooperation  programme  (TTCP),  which 
involves  defence  establishments  from  Australia,  UK,  US 
and  New  Zealand,  has  chosen  to  use  a  particular  generic 
test  specimen,  sec  Fig.  22.  The  dimensions  of  the  speci¬ 
men  are  as  shown  in  Fig.  22.  The  specimen  had  a  13-ply 
thick  graphite  epoxy  doubler  bonded  to  both  the  upper 
and  lower  surfaces  of  the  specimen. 

The  specimen  was  used  to  evaluate  the  effect  of  del¬ 
amination  damage  in  both  the  adhesive  and  the  com¬ 
posite  doubler.  To  this  end  two  different  damage  states 
have  been  considered,  viz: 

1.  an  edge  debond  in  the  adhesive  layer; 

2.  an  edge  debond/delamination  between  the  2nd  and 

3rd  plies  of  the  doubler. 

A  range  of  disbond/delamination  lengths  were  consid¬ 
ered,  viz:  0,  26,  31,  36,  41  and  46  mm,  where  the  distance 
is  measured  from  the  edge  of  the  patch,  and  the  effect 
that  these  had  on  the  axial  strain,  when  the  specimen 
was  subjected  to  a  remote  tensile  stress  of  137  MPa,  was 
studied  using  FE  analysis.  To  evaluate  the  relative 
merits  of  in-built  versus  surface-mounted  sensors  the 
strains  were  computed  on  both  the  surface  and  in  the  9th 
ply.  The  resultant  strain  profiles  are  presented  in  Figs. 
23-26,  where  x  =  0  mm  corresponds  to  the  centre  line  of 
the  specimen. 

From  these  figures  it  can  be  seen  that,  for  both  cases 
(1)  and  (2),  the  sensors  located  in  the  9th  ply  are  more 
sensitive  to  small  delaminations/disbonds.  However,  as 
the  disbond  length  increases  there  is  relatively  little  dif¬ 
ference  in  the  relative  sensitivity  of  strains,  as  seen  in  the 
9th  ply  or  on  the  surface,  to  the  delaminations/dibonds. 
This  implies  that,  for  the  present  problem,  there  would 
be  relatively  little  difference  in  sensitivity  between  sur¬ 
face  and  embedded  strain  sensors.  On  the  other  hand  the 
figures  also  show  that  sensors  located  between  0  and  30 
mm  from  the  centre  line  would  have  difficulty  in  as- 


Fig.  21.  Optical  spectra  of  OF3:  (a)  before  the  crack;  (b)  after  the  crack  passed  under  the  sensor. 
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Dimensions  in  mm,  not  to  scale 

Fig.  22.  Geometry  of  the  TTCP  test  specimen. 
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Fig.  23.  Strain  in  the  9th  ply  of  the  composite  for  various  disbond 
lengths  in  the  adhesive. 
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Fig.  24.  Strain  on  the  surface  of  the  composite  for  various  disbond 
lengths  in  the  adhesive. 
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Fig.  25.  Strain  in  the  9th  ply  of  the  composite  for  various  disbond 
lengths  in  between  the  2nd  and  3rd  plies. 
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Fig.  26.  Strain  on  surface  of  the  composite  for  various  disbond  lengths 
in  between  the  2nd  and  3rd  plies. 


sessing  flaws  less  than  26  mm  in  length.  This  is  not  en¬ 
tirely  unexpected  as,  for  a  26  mm  delamination,  a  sensor 
located  30  mm  from  the  centre  line  would  be  ~14  mm 
from  the  end  of  the  disbond/delamination.  Furthermore, 
for  the  range  of  disbonds/delaminations  under  consid¬ 
eration,  sensors  located  between  20  and  30  mm  from  the 
centre  line  are,  in  general,  more  likely  to  be  able  to  sense 
the  change  in  the  strain  filed  due  to  the  disbond/del¬ 
amination.  For  optimum  detection  of  disbonds/delam¬ 
inations  in  the  taper  sensors  should  be  located  in  the 
region  of  the  taper. 


5.  Conclusion 

This  study  has  demonstrated  the  ability  of  optical 
fibre  sensor  array  to  monitor  crack  growth  and  delam¬ 
ination  under  a  bonded  repair.  Indeed,  we  have  seen 
that  OFS  sensors  have  a  unique  feature  that  can  be  used 
to  enable  optic  fibre  technology  to  monitor  delamination 
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under  the  patch.  For  example,  in  the  present  test  pro¬ 
gramme  it  was  possible  to  use  a  sensor  length  such  that 
without  a  delamination  the  severe  strain  gradient  on  the 
upper  surface  of  a  patch  over  a  crack,  resulted  in  there 
being  no  sensor  readings  for  sensors  located  in  this  re¬ 
gion.  When  the  patch  debonded  the  strain  gradient  be¬ 
came  more  uniform  and  sensor  readings  were  then 
obtained. 
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Abstract 

If  major  weight  saving  is  to  be  realised  it  is  essential  that  composites  be  used  in  “primary”  structural  components,  i.e.,  wing  and 
fuselage  skins.  To  this  end  it  is  essential  that  analytical  tools  be  developed  to  ensure  that  composite  structures  meet  the  FAA  damage 
tolerance  certification  requirements.  For  stiffened  composite  panels  one  potential  failure  mechanism  is  the  separation  of  the  skin 
from  the  stiffeners;  resulting  from  excessive  “through  the  thickness”  stresses.  This  failure  mechanism  is  also  present  in  bonded 
composite  joints  and  composite  repairs.  Currently  failure  prediction  due  to  in-plane  loading  appears  to  be  relatively  well  handled. 
Unfortunately,  this  is  not  yet  true  for  matrix-dominated  failures.  Consequently,  it  is  essential  that  a  valid  analysis  methodology 
capable  of  addressing  all  of  the  possible  failure  mechanisms,  including  failure  due  to  interlaminar  failure,  be  developed.  To  aid  in 
achieving  this  objective  the  present  paper  outlines  the  results  of  a  series  of  experimental,  analytical  and  numerical  studies  into  the 
matrix-dominated  failures  of  rib  stiffened  structures.  ©  2000  Published  by  Elsevier  Science  Ltd.  All  rights  reserved. 
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1.  Introduction 

In  the  aeronautical  field  the  design  certification  pro¬ 
cess  for  composite  structures  requires  a  damage  tolerant 
evaluation  of  the  structure  to  be  performed  [1,2].  In 
accordance  with  FAA  AC’s  no.  20-107A  and  AC  no. 

25.571- 1A  [1,2]  the  damage  tolerance  evaluation  of  the 
structure  is  intended  to  ensure  that  should  serious  fa¬ 
tigue,  corrosion,  environmental  degradation,  impact 
damage,  disbonding,  delamination  or  accidental  damage 
occur,  then  the  remaining  structure  can  withstand  rea¬ 
sonable  loads  without  failure  or  excessive  structural 
deformation  until  the  damage  is  detected.  Indeed,  to  be 
consistent  with  the  philosophy  outlined  in  [2],  AC  no. 

25.571- 1A,  ‘the  evaluation  should  define  the  loading  and 
the  environmental  conditions,  extent  of  the  damage  and 
degradation  of  the  structure,  conduct  of  the  associated 
structural  tests  or  analyses,  or  both,  used  to  substantiate 
that  the  design  objective  has  been  achieved,  and  estab¬ 
lish  data  for  the  inspection  programs  necessary  to  ensure 
detection  of  damage’. 

Following  the  current  FAA  procedures  for  damage 
tolerant  assessment,  as  given  in  [2],  the  damage  tolerant 
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assessment  should  be  determined  by  analysis,  supported 
by  test  evidence  in  the  appropriate  environment,  unless 
(as  stated  in  [2])  ‘it  has  been  determined  that  the  normal 
operating  stresses  are  of  such  a  low  order  that  serious 
damage  growth  is  extremely  improbable’.  In  this  process 
it  must  be  shown  that: 

(a)  The  residual  strength  of  the  damaged  structure  is 
not  reduced  below  the  specified  design  limit  strength 
(considered  as  ultimate  strength)  over  the  operational 
life  of  the  structure;  and 

(b)  The  damage  growth  rate  allowing  for  impact 
damage,  interply  delamination  and  adhesive  debond¬ 
ing  under  the  repeated  loads  expected  in  service  (be¬ 
tween  the  time  the  damage  becomes  initially 
detectable  and  the  time  the  extent  of  damage  reaches 
the  value  for  residual  strength  evaluation)  provides  a 
practical  basis  for  development  of  the  inspection  pro¬ 
gram. 

Furthermore  in  accordance  with  [1],  which  deals  with 
composite  structure,  the  repeated  loads  should  allow  for 
load  time  effects,  i.e.,  dwell  time  as  in  the  F-111C  cold 
proof  load  test  (CPLT),  certification  tests  (see  [3-5]  for 
details),  and  environmental,  i.e.,  temperature  and  hu¬ 
midity  fluctuations. 

The  damage  tolerance  characteristics  can  be  shown 
analytically  by  reliable  or  conservative  methods  such  as 
the  following,  see  [2]: 
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(i)  By  demonstrating  quantitative  relationships  with 
structures  already  verified  as  damage  tolerant; 

(ii)  By  demonstrating  that  each  damage  event  would 
be  detected  before  it  reaches  the  value  for  residual 
strength  evaluation;  or 

(iii)  By  demonstrating  that  the  repeated  loads  and 
limit  load  stresses  do  not  exceed  those  of  previously 
verified  designs  of  similar  configuration,  materials, 
and  inspectability. 

In  this  process,  residual  strength  assessments  to  es¬ 
tablish  the  shape  of  the  residual  strength-damage  enve¬ 
lope,  are  essential.  To  this  end  residual  strength 
evaluation  by  component  testing,  or  by  analysis  sup¬ 
ported  by  test  evidence,  should  be  performed  for  each 
specific  damage  state.  The  evaluation  should  demon¬ 
strate  that  the  residual  strength  of  the  (damaged) 
structure  is  equal  to  or  greater  than  the  strength  re¬ 
quired  for  the  specified  design  loads.  It  should  be  shown 
that  stiffness  properties  have  not  changed  beyond  ac¬ 
ceptable  levels.  For  the  no-growth  concept  residual 
strength  testing  should  be  performed  after  repeated  load 
cycling. 

In  these  processes  the  effects  of  temperature,  humid¬ 
ity,  and  other  environmental  factors,  which  may  result 
in  material  property  degradation,  should  be  addressed  in 
the  damage  tolerance  evaluation.  These  requirements 
directly  reflect  current  FAA  approaches  for  composite 
aircraft  [1,2]. 

At  the  moment,  the  “Achilles”  heel  in  this  process  is 
the  lack  of  understanding  of  matrix-dominated  failures. 
Failure  due  to  in-plane  loading  appears  to  be  relatively 
well  handled.  Unfortunately,  this  is  not  yet  true  for 
matrix-dominated  failures.  However,  neglecting  to  allow 
for  matrix-dominated  failures  in  either  the  adherends  or 
the  adhesive,  in  the  case  of  a  bonded  joint,  may  com¬ 
promise  the  FAA  certification  requirements. 

To  accurately  determine  these  interlaminar  stresses 
for  a  complex  structural  component  requires  the  use  of 
advanced  finite  element  techniques.  To  this  end  a 
number  of  finite  element  procedures  have  been  devel¬ 
oped  for  computing  the  3D  stresses  at  the  stringer/skin 
interface  of  post-buckled  composite  panels.  Hachenberg 
[3]  proposed  a  method  which  used  plate  elements  for 
determining  the  interfacial  stresses  between  the  stringer 
and  skin.  In  other  methods,  quasi-3D  models  were  em¬ 
ployed  for  calculating  these  interfacial,  i.e.,  interlaminar, 
stresses,  see  Davies  [4]  and  Hyer  et  al.  [5].  The  previous 
techniques  were  computationally  efficient  but  involved 
various  approximation  for  the  3D  stress  state  at  the 
interface  and  did  not  allow  for  material  non-linearities. 
This  complicated  the  engineering  interpretation  of  the 
interlaminar  stresses  and  strains.  To  model  full  scale 
structural  components  with  3D  elements  is  still  a 
“dream”  even  with  current  supercomputer  technology. 
An  alternative  global-2D/local-3D  analysis  methodolo¬ 
gy  was  suggested  by  Card  et  al.  [6].  In  this  approach  the 


global  proportion  of  a  structure  was  modelled  with  2D- 
plate  finite  elements  and  only  a  critical  local  domain  was 
modelled  with  3D-solid  finite  elements.  The  global  and 
the  local  models  were  connected  with  global  mesh  re¬ 
finement  or  other,  regional,  joining  techniques  and 
plate-solid  coupling  procedures. 

One  common  approach  for  connecting  plate  and  solid 
element  models  is  to  extend  the  plate  model  into  the 
solid  element  region.  This  technique  is  well  suited  for 
connecting  plate  and  solid  models  that  have  similar  el¬ 
ement  mesh  sizes.  However,  when  strong  changes  in 
mesh  density  exist,  between  the  2D  and  3D  models,  this 
technique  requires  extensive  modelling  of  the  transition 
zone.  Liao  et  al.  [7]  and  Surana  [8]  proposed  an  alter¬ 
native  means  for  coupling  plate  and  solid  models  using 
2D/3D  transition  elements.  However,  this  technique  had 
essentially  the  same  modelling  limitations  as  the  classical 
approach.  A  regional  joining  technique  for  incompatible 
finite  element  subdomains,  that  does  not  suffer  from  the 
previous  limitations,  was  presented  by  Aminpour  et  al. 
[9].  This  technique  has  to  be  used  in  combination  with 
transition  elements  when  connecting  2D-plate  models  to 
3D-solid  models.  However,  with  this  approach  model¬ 
ling  efficiency  is  achieved,  although  possibly  at  the  ex¬ 
pense  of  both  computing  time  and  significant 
implementation  effort,  see  Housner  [10]. 

An  alternative  group  of  coupling  techniques  based  on 
multi-point  constraints  (MPCs)  was  regarded  as  being 
very  difficult  to  implement.  In  disregard  of  this  estab¬ 
lished  opinion  Alesi  et  al.  [11]  developed  and  imple¬ 
mented  such  a  technique  in  the  form  of  a  user  friendly 
computer  program.  The  present  paper  uses  this  ap¬ 
proach  for  the  analysis  of  two  geometrically  non-linear 
structural  problems  and  the  results  compare  quite  well 
with  those  obtained  experimentally. 

The  majority  of  the  analysis  tools  discussed  above 
have  assumed  that  the  composite  is  behaving  in  the 
linear  elastic  regime.  To  illustrate  the  role  that  material 
non-liearities  play  in  the  failure  of  composite  structural 
components  the  present  paper  outlines  the  results  of  a 
series  of  experimental  and  numerical  studies  into  the 
failure  of  rib  stiffened  structures.  Indeed,  it  will  be 
shown  that,  when  using  a  visco-plastic  approach  to  the 
load  history  dependent  response  of  the  matrix  material, 
it  was  possible  to  predict  the  matrix-dominated  failure 
of  the  structure. 


2.  Background  to  interlaminar  failure 

At  the  stiffener  run-out  region  in  rib  stiffened  panels 
and  when  joining  primary  composite  structures  via  a 
bonded  joint,  either  secondary  bonded,  co-cured  or  co¬ 
bonded,  the  challenge  is  to  transmit  the  load  such  that 
the  resultant  structure  is  damage  tolerant.  This  often 
results  in  the  creation  of  large  interlaminar  shear  and 
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peel  stresses.  Indeed,  this  was  one  of  the  primary  causes 
of  the  disbonding  of  the  structural  reinforcement  of  the 
F111C  wing  pivot  fitting,  see  [12,13]  (see  Fig.  1). 

In  several  respects  the  F/A-18  pioneered  the  use  of 
composite  to  metal  bonded  joints  as  primary  load  car¬ 
rying  members.  Here,  the  developmental  test  program 
included  a  fatigue  test  on  a  pre-production  inner  wing 
torque  box,  commonly  referred  to  as  the  PTOl  test.  This 
part  of  the  aircraft  structure  includes  the  titanium  to 
graphite  epoxy  step  lap  joint.  During  this  test  program 
problems  were  encountered  with  fasteners  at  the  wing 
fold  region  and  further  examination  revealed  a  large 
delamination  at  the  second  step  from  the  titanium  end 
of  the  wing  root,  see  [14]  for  more  details.  A  detailed  test 
program,  using  representative  structural  detail  speci¬ 
mens,  was  subsequently  performed  so  as  to  evaluate  the 
damage  tolerance  of  this  joint,  see  [14].  In  this  test 
program  the  dominant  failure  mechanism  was  observed 
to  be  interlaminar  failure  of  the  matrix  material  between 
the  graphite  epoxy  plies  bonded  to  the  titanium  rather 
than  by  failure  of  the  adhesive,  viz  FM300,  used  to  bond 
the  graphite  epoxy  to  the  titanium,  see  Fig.  2.  This 
failure  process  further  highlighted  the  need  to  allow  for 
interlaminar  failure  in  the  design  process. 

Consequently,  as  outlined  above,  safety  and  certifi¬ 
cation  concerns  therefore  dictate  that  the  matrix-domi¬ 
nated  behaviour  of  both  the  composite(s)  and  the 
adhesive(s)  be  both  understood,  characterised  and  al¬ 
lowed  for  in  the  initial  design  process.  The  importance 
of  accounting  for  material  non-linearities  was  also  a 
major  finding  in  [15],  which  considered  its  effect  on  the 
buckling  and  post-buckling  response  of  a  range  of 
composite  structures.  Indeed,  [15]  concluded  that: 


(i)  “The  composite  material  non-linearity  has  a  signif¬ 
icant  effect  on  the  geometrically  nonlinear,  structural 
buckling  load,  post-buckling  structural  stiffness,  and 
failure  mode  shape  of  composite  plates  and  shells”. 

(ii)  “The  composite  material  nonlinearity  also  has  an 
appreciable  influence  on  geometric  imperfection  sen¬ 
sitivity  of  structural  buckling  and  post-buckling  de¬ 
formations”. 

(iii)  “Quantitative  determination  of  these  nonlinear 
effects  requires  advanced  computational  nonlinear 
material  and  structural  mechanics”. 

2. 1.  Inelastic  response  of  composites  under  shear  loading 

When  considering  interlaminar  failure  analysis  it 
should  be  noted  that,  when  loaded  in  shear,  composite 
laminates  exhibit  a  similar  non-linear  stress  strain  be¬ 
haviour  and  monotonic  and  typical  cyclic  load  results, 
for  AS4-35016,  are  shown  in  Figs.  3  and  4  (from  [16]). 
Reference  [16]  found  although  there  were  quite  distinct 
hysteresis  loops  the  loading  and  unloading  curves  ap¬ 
peared  to  be  parallel  to  the  initial  loading  curve.  Similar 
results  have  also  been  reported  in  [17,18]  where  the  rate 
dependent  behaviour  of  several  composite  laminates  has 
been  studied. 

This  monotonic  and  cyclic  stress  strain  behaviour,  as 
shown  in  Figs.  3  and  4  raises  the  question: 

If  a  composite  structure  experiences  large  interlami¬ 
nar  stresses,  which  are  below  the  static  failure  levels,  will 
the  structure  experience  fatigue  failure  under  repetitive 
cyclic  loading? 

At  the  moment  there  are  insufficient  data  to  answer 
this  question.  The  challenge  is  to  develop  both  the 
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Fig.  L  Close  of  delaminated  doubler  on  Fill  aircraft  showing  boron  fibres  still  attached  to  the  wing  pivot  fitting. 
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Fig.  2.  Typical  failure  of  F/A-18  step  lap  joint  specimens. 


Fig.  3.  Shear  stress/shear  strain  behaviour  of  carbon  fibre/epoxy  resin 
system  AS4/3501-6  at  various  strain  rates,  from  [16]. 


necessary  test  data  and  the  engineering/mathematical 
required  tools  to  assist  in  answering  the  question. 


3.  A  local/global  approach  to  determine  3D  stress  states 

The  accurate  determination  of  the  interlaminar 
stresses  and  strains  requires  a  detailed  3D  finite  element 
analysis.  One  common  approach  is  to  use  a  local/global 
formulation  where  only  the  region  of  interest  is  mod¬ 
elled  using  3D  elements.  This  can  be  done  using  MPCs. 
The  fundamental  equations  for  the  MPC  coupling 
technique  were  developed  for  the  general  nodal  point 
arrangement  shown  in  Fig.  5.  The  2D  plate  element 
nodes  (A),  (B)  and  (C)  are  assumed  to  be  situated  on  the 
edge  of  a  plate  element  that  is  adjacent  to  a  region 
modelled  using  3D  solid  elements  and  node  (P)  is  an 
arbitrary  node  in  one  of  the  adjoining  3D  elements. 
Point  (i)  is  situated  on  the  intersection  between  the  line 
that  connects  (A)  and  (C)  and  the  line  through  solid 


Fig.  4.  Shear  strcss/shcar  strain  behaviour  of  carbon  fibre/epoxy  resin 
system  AS4/3501-6  under  cyclic  loading  at  various  strain  rates,  (a) 
0.00001/s  and  (b)  0.152/s,  from  [16]. 


element  node  (P)  that  is  orthonormal  to  line  (A)~(C). 
The  displacements  of  point  (i)  can  be  related  to  the 
displacements  of  nodes  (A),  (B)  and  (C)  by  employing 
the  plate  element  shape  functions 
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Fig.  5.  General  interface  node  arrangement. 


This  equation  can  be  used  to  formulate  a  generic  cou¬ 
pling  program  which  can  be  used  as  a  pre-processor  for 
a  variety  of  finite  element  codes,  viz:  MSC/NASTRAN, 
ABAQUS,  etc.  The  present  program  reads  a  basic  data 
input  file  and  automatically  identifies  solid  element 
nodes  that  are  situated  within  their  appropriate  plate/ 
solid  interface  control  volumes.  The  program  then 
generates,  based  on  the  physical  location  of  plate  nodes 
(A),  (B)  and  (C),  the  coupling  equations  for  every  solid 
element  node  that  is  found  within  a  user  defined  control 
volume.  The  resulting  multi-point  constraint  statements 
are  automatically  added,  in  the  required  format,  to  the 
basic  data  input  file. 


JVA  -  -0.25(1  +  £rfA)(l  +  wA)(l  -  £,£A  -  Ma), 

Nb  =  0.50(1  +  £,£B)(1 -»??),  (1) 

NC  =  -0.25(1  +  £i£c)(l  +  Mc)(l  -  -  Me), 

where  rj  and  &  are  the  local  coordinates  for  the  plate 
element.  The  effect  of  nodal  point  displacements  at  plate 
nodes  (A),  (B)  and  (C)  on  the  displacements  at  point  (i) 
can  now  be  expressed  using  the  following  kinematic 
relations: 

ux  =  N\  •  uA  +  AB  *  ub  T  Ac  •  uq , 

V\  =  A\  *  1>a  +  Ab  •  l?B  +  Ac  •  Vq, 

W[  =  A\  *  wa  +  Ab  ■  wB  +  Ac  *  u’c,  (2) 

(pxl  —  Na  •  (pxA  +  Ab  ■  (px B  +  Ac  •  (pxC, 

<Py\  =  Aa  •  (py A  +  Ab  •  (pyB  +  Ac  •  (pyC- 

The  kinematic  relationship  between  the  displacements  at 
node  (P)  and  at  point  (i)  can  be  defined  by  applying  the 
assumptions  of  Kirchhoff  plate  theory.  In  this  case  the 
displacements  of  node  (P)  can  be  expressed  in  terms  of 
displacements  and  rotations  on  point  (i),  viz 

Wp  =  Ui  +  h  •  (Py  h 

Up  =  t>i  -h-  (Pxi,  (3) 

Wp  =  Wj. 

Substituting  Eq.  (2)  into  Eq.  (3)  yields  a  relationship 
between  the  degrees  of  freedom  of  the  solid  element 
node  (P)  and  degrees  of  freedom  of  the  plate  element 
nodes  (A),  (B)  and  (C);  viz 


Up}  f  WA  ]  (  UB  1 

vP  >  =  Aa  *  <  vA  >  +  Ab  ■  <  /  +  Ac 

J  l  WA  J  [  J 


UC  )  (  <PyA  } 

Vc  >  +  A\  •  h  ■  <  —<px a  >  4-  Ab  •  h 

wc  )  l  0  J 


VyB  1  [  <PyC  1 

~(PxB  >  +  Ac  *  h  •  <  —  cpxC 

0  J  [  0  J 


(4) 


3.1.  Numerical  validation 

Two  numerical  examples  were  used  to  validate  this 
coupling  technique.  The  first  was  a  plate-bending  anal¬ 
ysis  of  a  composite  plate  whilst  the  second  test  case  in¬ 
volved  post-buckling  analysis.  In  both  cases  the  stress 
strain  relationship  was  assumed  to  be  linear. 


3.1.1.  Interlaminar  stress  analysis 

The  first  example  involves  the  case  of  the  simply 
supported  rectangular  laminated  plate,  previously  ana¬ 
lysed  in  [19],  with  a  [0,90]s  stacking  sequence  and  with 
dimensions  a  =  b  =  100  mm  and  t  =  1  mm,  see  Fig.  6. 
The  moduli  of  the  individual  layers  (lamina)  were  as¬ 
sumed  to  be  En  =  138  GPa,  E22  =  E33  =  9.3  GPa, 
G\2  =  G\3  =  4.6  GPa,  G23  =  3.2  GPa,  v\2  =  V13  =  0.3, 
and  v23  =0.3.  The  plate  was  subjected  to  a  variable 
pressure  load  ozz  = -P cos  (nx/ a)  cos  (ny/b).  Due  to 
symmetry  only  a  quarter  section  of  the  plate  was  mod¬ 
elled,  see  Fig.  7. 

One  plate  element  was  removed  from  the  2D  model 
and  replaced  with  a  local  3D  model.  The  3D  model 
consisted  of  a  lOx  lOx  12  mesh  of  20-noded  solid  el¬ 
ements.  To  achieve  an  accurate  representation  of  the 
interlaminar  stresses  each  ply  of  the  plate  was  modelled 


x 


Fig.  6.  Orthotropic  plate. 
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Fig.  7.  Global/local  model. 


with  three  layers  of  solid  elements.  The  in-plane  stress 
results  were  almost  identical  to  the  analytical  solution 
from  classical  laminated  plate  theory  and  as  such  are  not 
presented  here.  The  calculated  interlaminar  stresses  were 
also  in  good  agreement  with  those  given  in  [19]  as  can  be 
seen  from  Fig.  8  which  shows  these  stresses  slightly  in¬ 
board  (three  elements)  from  the  transition  region.  Here 
the  maximum  values  for  the  interlaminar  stresses  <rvr, 
and  (7Z  were  within  1%,  12%,  and  1%,  respectively,  of  the 
analytical  solution,  see  Fig.  8. 


3.1.2.  Post-buckling  deflection  analysis 

As  a  second  illustration  of  this  technique  we  first 
considered  the  post-buckling  behaviour  of  a  thin  plate 
subjected  to  an  in-plane  force  P(N ),  see  [20].  This  test 
case  consisted  of  a  flat  rectangular  metal  plate  with  di¬ 
mensions  a  =  2m,b=  1  m  and  t  (thickness)  =  0.01  m, 
see  Fig.  9.  The  plate  was  assumed  to  be  isotropic  with 
moduli  of  £=72,000  MPa  and  crv  =  0.3.  The  loaded 
plate  ends  and  the  longitudinal  unloaded  plate  sides 
were  simply  supported.  Additional  kinematic  con¬ 
straints  were  imposed  that  forced  the  ends  and  the  sides 
to  remain  straight. 

Three  different  finite  element  models  were  generated, 
see  Fig.  10.  The  first  model  consisted  of  quadrilateral 
plate  elements  that  had  both  membrane  and  bending 
stiffnesses.  The  second  model  was  made  from  two  layers 
of  hexahedral  solid  elements.  The  third  model  had  three 
quarters  of  the  region  modelled  with  plate  elements  and 
a  quarter  with  3D  elements.  The  plate  region  and  the 
solid  region  of  the  combined  plate-solid  model  were 
connected  as  described  above.  The  analysis  used  MSC- 
NASRAN  which,  at  the  time  of  the  investigation,  did 


(a)  -2  0  2  4  6  8  10  12  14  16  18 


(b)  o  1  2  3  4  5  678 


Fig.  8.  Comparison  of  the  computed  interlaminar  stresses  with  those 
from  [19]. 


not  support  eight-noded  plate-bending  elements  for 
geometric  non-linear  analysis.  Consequently  this  analy¬ 
sis  used  four-noded  and  three-noded,  triangular,  plate¬ 
bending  elements. 

The  three  models  were  analysed,  employing  a  stan¬ 
dard  incremental-iterative  solution  scheme,  in  displace- 
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ss=simply  supported  z,w,  <Pz 


Fig.  9.  Compression  loaded  plate. 


Plate  Model  Solid  Model  Plate/Solid  Model 


o  Symbolises  node  with  multi  point  constraint 

Fig.  10.  The  three  finite  element  models. 
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*A0— Initial  Imperfection 

Fig.  11.  Load-displacement  curves  for  plate  problem. 

ment  control  mode.  The  resulting  finite  element  load- 
deflection  curves  are  compared  in  Fig.  11  along  with 
Supple’s  [20]  analytical  solution. 

Inspection  of  the  load-displacement  curves  shows 
that  the  analytical  plate  model  had  the  highest  post- 


Fig.  12.  Out-of-plane  deflections. 


buckling  stiffness.  This  finding  was  not  surprising 
considering  that  the  analytical  model  was  based  on 
equations  with  only  two  generalised  degrees  of  freedom 
associated  to  the  first  and  second  buckling  mode.  The 
2D-plate  finite  element  model  and  the  combined  2D/3D 
finite  element  model  were  slightly  more  flexible.  The  3D- 
solid  finite  element  model  was  significantly  more  flexible 
than  the  analytical  model.  In  general,  the  combined 
model  results  were  in-between  the  plate  and  the  solid 
model  results. 

The  plate  displacement  results,  obtained  by  the  vari¬ 
ous  techniques,  along  the  x-axis  are  compared  in  Fig. 
12.  The  maximum  variation  between  the  different 
models  was  3%. 


4.  Stiffened  panel  analysis 

Having  validated  the  global-2D/local-3D  finite  ele¬ 
ment  methodology  for  a  simple  test  case  it  was  then 
employed  for  the  investigation  of  a  post-buckled  com¬ 
posite  stringer/skin  panel.  The  panel  under  consider¬ 
ation  was  designed  at  the  Co-operative  Research  Centre 
for  Advanced  Composite  Structures  (CRC-ACS)  locat¬ 
ed  in  Melbourne,  Australia.  The  CRC-ACS  test  panel 
was  selected  for  the  current  investigation  because  a  2D 
finite  element  model,  that  could  form  a  useful  basis  for 
the  current  work,  was  made  available  by  the  CRC-ACS. 
The  particular  panel  was  designed  by  Thomson  et  al. 
[21]  and  consisted  of  a  quasi-isotropic  composite  skin 
and  three  composite  blade  stiffeners  that  were  equally 
spaced  across  the  working  section,  see  Fig.  13. 

4.1.  The  finite  element  model 

The  2D  finite  element  model  of  the  shear  panel  is 
shown  in  Fig.  14.  In  this  model,  the  stringers  and  the 
skin  were  modelled  with  four-noded  quadrilateral  plate¬ 
bending  elements  and  the  shear  fixture  was  modelled 
with  beam-type  elements. 
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Fig.  13.  Composite  shear  panel  and  test  configuration. 


Fig.  14.  Global  2D-plate  finite  element  model. 


To  represent  the  test  conditions  a  point  load,  acting 
in  the  plane  of  the  panel  skin,  was  applied  to  the  right 
corner  of  the  beam  frame.  The  loaded  node  was  kine¬ 
matically  constrained  in  order  to  move  in  the  direction 


of  the  applied  load.  The  translations  at  the  opposite 
corner  of  the  beam  frame  were  suppressed.  The  out-of¬ 
plane  translations  and  rotations  on  the  four  edges  were 
suppressed  in  order  to  simulate  the  clamping  conditions 
in  the  test  fixture. 

The  local  3D  model  of  the  critical  skin/stiffener  region 
in  the  centre  of  the  panel  is  shown  in  Fig.  15.  Individual 
plies  of  the  skin/stiffener  interface  were  modelled  with 
discrete  layers  of  hexagonal  solid  elements.  Pentagonal 
solid  elements  were  employed  for  the  ply  drop-off  areas. 
The  critical  skin/stiffener  interface  regions,  such  as  the 
stiffener  web/flange  transition  and  the  ply  drop-offs, 
were  also  modelled.  The  various  elastic  moduli  and 
strengths  used  in  this  analysis  are  given  in  Tables  1  and  2, 
respectively. 


4.2.  The  experimental  test 

A  shear  test  rig  was  employed  for  the  experimental 
model  verification  and  a  total  of  three  panels  were 
tested,  see  Fig.  9.  The  picture  frame  test  fixture  had  a 
working  area  of  250  x  250  mm.  and  was  designed  to 
avoid  stress  concentrations  in  the  specimen  corners 
which  can  lead  to  pre-mature  panel  failure.  In  the  cur¬ 
rent  design  the  pinned  corners  were  free  to  pivot  but  not 
able  to  move  out-of-plane.  Six  high  precision  electrical 
resistance  strain  gauges  were  bonded  to  each  panel  in 
order  to  record  the  surface  strains  in  the  critical  skin / 
stiffener  region  during  load  application. 

The  tests  were  performed  using  a  200  kN  MTS  servo- 
hydraulic  uniaxial  testing  machine.  The  machine  was 
configured  to  load  in  tension  by  using  a  constant  ramp¬ 
loading  generator  in  displacement  control  mode.  The 
uniaxial  quasi-static  load  was  applied  diagonally 
through  the  top  and  bottom  pins  and  was  transferred  to 
the  panel  sides  by  the  edge  members  of  the  fixture.  This 


Fig.  15.  Local  3D-solid  finite  element  model. 
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Table  1 

Material  constants  for  T300/914C,  from  [22] 


Eu 

E22 

Ei  3 

131.90  GPa 

9.51  GPa 

9.43  GPa 

G\2 

Gl3 

G23 

5.21  GPa 

7.03  GPa 

3.39  GPa 

Vl2 

Vl3 

V23 

0.326 

0.341 

0.485 

Table  2 

Material  allowables  for  T300/914C  (MPa),  from  [22] 

Material  allowable 

Symbol 

Value 

Tensile  strength  in  fibre  direction 

XT 

1328.0 

Compression  strength  in  fibre  direction 

Xc 

1064.0 

In-plane  transverse  tensile  strength 

YT 

70.9 

In-plane  transverse  compression 

Yc 

221.0 

strength 

Interlaminar  peel  strength 

ZT 

97.6 

Interlaminar  compression  strength 

Zc 

242.0 

In-plane  shear  strength 

Sn 

71.2 

Interlaminar  1-3  shear  strength 

Rn 

94.5 

Interlaminar  2-3  shear  strength 

t23 

52.9 

was  equivalent  to  applying  a  pure  in-plane  shear  load  at 
the  panel  sides. 

4.3.  Test  results 

This  section  compares  the  results  from  the  geometric 
non-linear  finite  element  analysis  to  the  results  ob¬ 
tained  from  the  experimental  program.  A  plot  of  the 
(computed)  deformed  shape  of  the  panel  is  given  in 
Fig.  16.  A  qualitative  inspection  of  the  deformations 
experienced  by  the  panel  shows  that  the  local  solid 
element  model,  in  the  centre  of  the  panel,  deformed 
consistently  with  respect  to  the  global  plate  element 
model.  This  figure  also  shows  the  complexity  of  the 
post-buckled  shape. 

The  combined  global-2D/local-3D  finite  element 
model  was  further  validated  by  comparing  computed 
and  measured  strains  within  the  critical  skin/stiffener 


region,  see  Fig.  17.  Inspection  of  the  load-strain  curves 
shows  that  the  onset  of  buckling  was  observed,  both  in 
the  analysis  and  the  experiments,  at  approximately  30 
kN.  The  computed  post-buckling  strains  were  consistent 
with  the  experimental  results  up  to  two  times  the  critical 
buckling  load,  i.e.,  up  to  approximately  60  kN.  At  this 
load  level  there  were  a  series  of  loud  noises  indicative  of 
failure  initiation  and  as  a  consequence,  at  higher  loads,  a 
significant  amount  of  scatter  was  observed  in  the  ex¬ 
perimental  strain  readings. 

In  the  post-buckling  domain  the  strain  results  from 
the  individual  panel  tests  showed  some  variation,  i.e., 
scatter.  It  was  initially  thought  that  the  differences  were 
caused  by  small  changes  during  panel  manufacture. 
However,  inspection  of  the  panels  and  the  analysis  re¬ 
vealed  that  the  major  contribution  towards  the  scatter  in 
the  experimental  results  came  from  variations  in  the 
precise  location  of  the  strain  gauges.  The  scatter  was 
small  at  pre-buckling  loads  where  the  panels  deforma¬ 
tion  was  essentially  in-plane  and  resulted  in  a  relatively 
homogeneous  strain  field.  The  pre-buckling  strain  re¬ 
sults  were  therefore  only  marginally  sensitive  to  the  lo¬ 
cation  of  the  strain  gauges.  The  strain  scatter  was  larger 
in  the  post-buckling  regime  where  the  post-buckled 
shape  was  particularly  complex,  see  Fig.  16,  and  the 
resultant  strain  distribution  in  the  panels  was  extremely 
non-uniform  with  large  localised  strain  gradients  around 
the  buckles.  In  this  regime  small  differences  in  the  lo¬ 
cation  of  the  gauges  resulted  in  large  variations  in  the 
strain  gauge  readings. 

The  finite  element  model  gave  a  structural  represen¬ 
tation  that  was  somewhat  stiffer  than  the  physically 
observed  panel  behaviour.  A  possible  explanation  for 
this  mismatch  was  given  by  Wang  et  al.  [15].  They  found 
that  the  post-buckling  behaviour  of  composite  struc¬ 
tures  can  be  affected  if  individual  plies  exhibit  material 
non-linearity.  However,  this  potential  effect  was  not 
modelled  in  the  current  simulation. 

The  stresses  resulting  from  the  3D  finite  element 
model  were  substituted  into  the  Tsai-Wu  [24]  failure 
theory.  This  approach  predicted  failure  initiation  to 
commence  at  approximately  58  kN.  This  prediction 


Fig.  16.  Deformed  geometry  of  combined  plate-solid  model. 
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correlated  very  well  with  the  experimental  results  where 
failure  initiation  occurred  at  load  levels,  which  ranged 
between  62  and  64  kN. 

No  post-(initial)  failure  analysis  was  performed  to 
determine  the  ultimate  strength  of  the  panels.  It  was 
therefore  not  possible  to  explain  why  one  panel  that 
underwent  continuous  loading  failed  at  an  ultimate  load 
15%  less  than  the  panels  that  were  loaded  incrementally. 
In  the  absence  of  more  test  data  it  could  not  be  deter¬ 
mined  whether  the  apparent  drop  in  ultimate  strength 
was  caused  by  a  manufacturing  defect  or  by  time  de¬ 
pendent,  i.e.,  visco-plastic  behaviour  of  the  panels.  The 


overall  shear  test  conditions  and  observations  are  sum¬ 
marised  in  Table  3. 


5.  Post-buckled  stiffened  panels  under  axial  loading 

In  the  previous  test  failure  was  essentially  due  to  the 
in-plane  stresses.  However,  to  illustrate  the  role  of  in¬ 
terlaminar  failure  and  the  need  to  accurately  compute 
the  associated  interlaminar  stresses  let  us  consider  the 
post-buckling  behaviour  of  the  composite  stringer/skin 
panel  discussed  in  [22].  In  this  paper  the  composite  panel 


Table  3 

Shear  test  conditions  and  observations 
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Experiment  A 

Experiment  B 

Experiment  C 

FEM 

Load  rate 

0.3  mm/min 

0.3  mm/min 

0.3  mm/min 

Temperature 

21°C 

25°C 

25°C 

Humidity 

30% 

30% 

30% 

Initial  bending 

~26  kN 

~25  kN 

~25  kN 

~25  kN 

Initial  buckling 

30  kN 

31  kN 

30  kN 

30  kN 

First  crack 

63  kN 

62  kN 

64  kN 

58  kN 

Ultimate  failure 

78  kN 

68  kN 

79  kN 

Comments 

Load  hold  at  10  kN  Inc. 

Continuous  loading 

Load  hold  at  10  kN  Inc. 

under  investigation  was  fabricated  from  unidirectional 
carbon/epoxy  CIBA  GEIGY/FIB-REDUX  914-TS-5-34 
tape  that  contained  T300  high  tensile  TORAYACA 
carbon  fibres.  The  panels  consisted  of  a  quasi-isotropic 
skin  with  the  blade-type  stiffeners  equally  spaced  across 
the  working  section.  A  description  of  the  panel  geometry 
is  given  in  Fig.  18,  see  [22]  for  more  details. 

The  skin  regions  between  the  stiffeners  were  made 
from  eight  plies  and  the  stiffeners  were  made  from  six¬ 
teen  plies  of  unidirectional  tape.  A  symmetric  stiffener 
lay-up  was  employed.  This  resulted  in  a  skin  lay-up  that 
alternated  between  being  symmetric  in  some  skin  bays 
and  unsymmetric  in  other  skin  bays.  The  top  three  skin 
plies  were  wrapped  from  the  skin  on  to  the  stiffener  in 
order  to  make  the  stiffener  form  a  more  integral  part  of 
the  skin,  see  Fig.  19. 

Five  stringer/skin  panels  were  tested  using  a  box 
beam  test  rig  which  consisted  of  a  three  bay  aluminium 
box  beam,  a  supporting  steel  frame  and  two  20,000  lb 
load  jacks  operated  in  load  control.  The  jack  loads  in¬ 
duced  a  constant  bending  moment  into  the  middle  bay 
where  the  test  panel  was  located,  see  Fig.  20.  The  test 
panel  was  loaded  by  a  distributed  force,  A,  that  acted  in 
the  plane  of  the  box  beam  covers,  see  [22]  for  more 
details. 


Fig.  21.  In  the  local  3D  model  the  individual  plies  were 
modelled  with  separate  layers  of  3D  solid  elements,  see 
Fig.  22. 

5.2.  The  material  model 

The  finite  element  analysis  used  a  particular  form  of 
the  general  purpose  visco-plastic  material  model  devel¬ 
oped  in  [24-26].  In  this  analysis  a  number  of  simplifying 
assumptions  were  made,  viz: 


5.1.  Numerical  analysis 

The  loading  and  support  conditions,  together  with 
the  global  2D  finite  element  used  in  [22]  are  shown  in 


Fig.  18.  Test  panel  geometry,  from  [22]. 


Fig.  20.  Box  beam  test  rig,  from  [22]. 
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Fig.  21.  The  initial  global  2D  finite  element  model,  from  [22]. 


Fig.  22.  The  local  3D  finite  element  model,  from  [22]. 


1.  only  the  matrix-dominated  stress  terms  on,  tr33,  <tj2, 
cT]3  and  o2 3  were  considered  to  contribute  to  the  vi¬ 
sco-plastic  response; 

2.  as  a  first  order  approximation  it  was  assumed  that,  at 
room  temperature,  the  direct  stresses  G\\,  g2i  and  er33 
were  linear  functions  of  the  direct  strains; 

3.  as  a  first  order  approximation  the  inelastic  shear  be¬ 
haviour  was  taken  to  be  similar  in  each  of  the  three 
principal  material  planes. 

These  assumptions  lead  to  a  constitutive  model  that 
contained  a  linear  elastic/  orthotropic  representation  for 
the  direct  stress  components,  the  associated  elastic 
constants  are  given  in  Table  4,  and  a  non-linear  inelastic 
representation  for  the  shear  stress  components.  The  re¬ 
sultant  formulation  essentially  consisted  of  three  equa¬ 
tions.  The  first  equation  represented  the  constitutive 
relation  between  the  inelastic  shear  strain  rate  ef,  the 
shear  stress  zij9  the  ‘back  (shear)  stress’  Qjj,  the  ‘drag 
stress’  Z  and  the  effective  value  of  the  ‘overstress’  K2 

{Zjj  —  Qjj)  /<r\ 

V^2  ’  U 

where 


\  A  (  Z  Y| 

e)j  =  D0  •  exp 

2  (3-K2J  J 

K2  =  l-(T,l-Q,j)(xiJ-QlJ).  (6) 

The  ‘back  stress’  was  computed  via  the  evolution;  viz 


%  =  \  A  •  4  -f\  •  +/2  •  *</>  0) 

where  a*  was  the  effective  inelastic  strain  rate.  As  in 
[25,26]  the  ‘drag  stress’  Z  was  defined  to  be  a  function  of 
accumulated  inelastic  work  W1,  viz 

Z  =  Z\  -j-  (Z0  —  Z,  )e-w"7 .  (7) 

The  resultant  material  parameters  A ,  Z>o,  w,  Z0, 

Zi,  Qs  used  in  [22]  to  describe  the  shear  stress  strain 
behaviour  of  T300/914C  are  presented  in  Table  4,  see 
[22]  for  more  details..  The  various  elastic  moduli  and 
strengths  used  in  this  analysis  are  as  given  in  Tables  1 
and  2. 

This  simplified  model  for  the  inelastic  shear  response 
coincides  with  that  used  in  [24,25]  for  modelling  the 
shear  performance  of  structural  epoxies.  At  this  point  it 
should  be  stated  that  this  particular  visco-plasticity 
model  was  primarily  used  due  to  the  authors’  familiarity 
with  the  formulation  rather  than  a  belief  that  it  was 
inherently  superior  to  other  competitive  formulations, 
i.e.,  [15,27-29]. 

Reference  [22]  then  used  this  material  law  in  con¬ 
junction  with  the  ABAQUS  finite  element  program. 
Prior  to  the  analysis  of  the  particular  test  program 
outlined  the  numerical  model  was  validated  by  com¬ 
parison  with  a  series  of  shear  strain  shear  stress  coupon 
tests,  on  a  (+/  -  454)s  T300/914C  laminate  40  mm  wide 
and  120  mm  long.  These  coupon  tests  were  performed, 
in  accordance  with  ASTM  standard  D35 18-76.  The 
numerical  implementation  was  also  validated  by  com¬ 
parison  with  a  prior  1-D  solution  [30]  for  an  adhesively 
bonded  lap  joint  which  used  the  same  constitutive  law. 

5.3 .  Stress  and  failure  analysis 

When  assuming  that  the  material  behaved  in  a  linear 
elastic  fashion  an  apparent  “stress  singularity”  occurred 
at  the  stiffener  run-out  region.  This  interpretation  was 
implied  when  numerical  convergence  tests  with  different 
stiffener  tip  mesh  sizes  were  performed.  In  this  process  it 
was  found  that  some  tip  stress  components  increased 
dramatically  when  the  mesh  size  reduced.  The  problem 
did  not  arise  in  the  material  non-linear  analysis.  In  this 
case  the  material  behaved  in  an  inelastic  fashion  and 
load  was  shed  to  other  areas. 

Having  obtained  a  solution  for  the  stress  and  strain 
states  at  the  stiffener  run-out  several  of  the  more  com¬ 
monly  used  3D  composite  failure  theories,  see  [23,31- 
35],  were  then  employed  in  an  attempt  to  predict  failure. 


Table  4 

Material  parameters  for  T300/914C,  from  [22] 

A  Dp  n  f\  h  m  Z0  (MPa)  Zn  (MPa)  (MOQ 

~  5  x  KfVs  0237  2.4  x  lO4  0  0  2.9  x  105  2.9  x  105  65 
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The  material  strength  allowables  for  T300/914C,  used  in 
[22],  are  presented  in  Table  4.  A  comparison  between  the 
predicted  and  experimental  failure  initiation  loads  is 
given  in  Table  5. 

From  this  analysis  it  was  found  [22]  that,  at  the  de¬ 
sign  load  of  N  =  200  N/mm,  the  critical  stress  levels 
were  only  exceeded  in  a  very  small  region  in  the  vicinity 
of  the  stiffener  run-out  tip.  The  critical  regions  were 
found  to  occur  in  0°  plies  within  the  stiffener  and  the 
skin  and  also  within  the  90°  degree  plies  in  the  stiffener. 
This  result  was  consistent  with  a  c-scan  image  that  was 
taken  after  the  panels  had  failed.  Here  it  was  found  that 
delamination  mainly  occurred  around  the  stiffener  run¬ 
outs.  Reference  [22]  stated  that  the  delaminations  in  the 
far  left  skin  bay  were  formed  during  final  panel  collapse. 
The  stress  components  and  the  associated  failure  indices 
for  the  critical  elements  are  shown  in  Table  6. 

Post-failure  inspection  of  the  area  showed  that  failure 
was  due  to  the  stiffener  run-out  separating  from  the  skin. 
The  stiffener  run-out  also  split  at  the  interface  between 
the  ‘block’  of  0°  stringer  plies  and  the  top  three  stringer/ 
skin  cover  plies.  Both  of  these  experimentally  observed 
failure  mechanisms  were  consistent  with  the  computa¬ 
tionally  predicted  failure  modes. 

Table  5 

Comparison  of  failure  loads  (N/mm),  from  [22] 


Failure  theory 

n  a 

1  limit 

P  b 

*  limit 

Amitc  (test  panel) 

Max.  stress 

106.85 

153.74 

204.00  (BP01) 

Hoffman 

91.22 

178.49 

211.00  (BP06) 

Tsai-Wu 

84.26 

150.79 

187.00  (BP06B) 

Hashin 

75.84 

157.98 

158.00  (BP  10) 

Quad,  stress 

101.49 

158.08 

Average  values 

89.13 

154.50 

188.80 

a  FEM  material  linear  analysis. 
bFEM  nonlinear  material. 
c  Experiment. 


5.4.  Discussion 

The  material  non-linear  analysis  performed  in  [22] 
produced  physically  meaningful  stress  values  that  could 
be  employed  for  a  quantitative  prediction  of  failure 
initiation.  In  general  the  computed  results  for  both  the 
buckling  and  the  failure  initiation  loads  represented 
conservative  estimates  of  the  experimentally  observed 
values,  see  Fig.  23.  These  findings  support  the  findings 
presented  in  [15]  that,  for  composite  structures  under¬ 
going  geometrically  non-linear  deformations,  failure 
initiation  can  be  effectively  modelled  and  that  sometimes 
it  may  be  necessary  to  allow  for  material  non-linearities 
in  the  analysis.  As  previously  mentioned  the  particular 
visco-plasticity  model  used  in  this  investigation  was 
primarily  due  to  the  authors’  familiarity  with  this  for¬ 
mulation  rather  than  a  belief  that  it  was  inherently  su¬ 
perior  to  other  competitive  formulations. 

Given  that  the  shear  stress  shear  strain  response  of 
many  composite  materials  can  exhibit  significant  in¬ 
elastic  behaviour,  see  Figs.  3  and  4  and  Refs.  [15- 
18,22,24,27-29],  this  work  raises  the  question  of  the 


Fig.  23.  Summary  of  results,  from  [22]. 


Table  6 


Critical  element  stresses  (MPa),  in  the  local  ply  axis  system,  from  [22] 


Element 

<?22 

033 

0r12 

0f  3 

023 

r 

3030 

-1376 

-15 

-74 

55 

9 

-2 

1.8 

3252 

-1384 

-40 

-86 

44 

33 

13 

1.7 

6582 

-1375 

-15 

-74 

56 

-8 

2 

1.8 

6804 

-1382 

-40 

-85 

45 

-33 

-13 

1.7 

3031 

-891 

-15 

-62 

66 

10 

-4 

1.2 

6583 

-891 

-15 

-62 

66 

-9 

4 

1.2 

1515 

-313 

-12 

-37 

81 

9 

-10 

1.2 

2130 

-313 

-12 

-37 

81 

-9 

10 

1.2 

12310 

-817 

-31 

-60 

82 

32 

-6 

1.6 

12311 

-709 

-18 

-58 

90 

6 

-7 

1.7 

12312 

-709 

-18 

-58 

90 

-5 

7 

1.7 

12313 

-818 

-32 

-60 

82 

-32 

6 

1.6 

2747 

57 

-26 

-13 

-15 

-25 

-65 

1.3 

2752 

54 

-26 

-13 

-15 

25 

65 

1.3 

12309 

84 

-82 

-76 

-42 

-26 

-62 

1.2 

12314 

84 

-82 

-76 

-42 

26 

62 

1.2 

*/  =  Failure  index. 
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need  to  evaluate  the  fatigue  performance  of  composite 
structural  components  with  large  interlaminar  stresses 
which  are  beneath  static  failure  levels  but  which  are 
subjected  to  repetitive  cyclic  load  spectra. 

6.  Conclusion 

On  the  basis  of  the  examples  presented  in  this  paper  it 
is  clear  that  when  evaluating  the  structural  integrity  of 
composite  structural  components  it  may  sometimes  be 
necessary  to  take  the  potential  for  matrix-dominated 
failures,  with  its  implicit  load  history  and  time  depen¬ 
dency,  into  account.  This  paper  has  illustrated  this 
conclusion  via  a  series  of  studies  ranging  from  the  post- 
buckling  behaviour  of  a  rib  stiffened  composite  panel  to 
failures  on  Fill  aircraft. 

To  assist  with  this  requirement  the  present  paper  has 
presented  a  methodology  for  the  finite  element  analysis 
of  composite  structures  undergoing  both  geometric  and 
material  non-linearities.  The  methodology  has  been 
validated  using  two  (relatively)  simple  test  cases  and 
then  applied  for  analysing  two  quite  different  composite 
stringer/skin  panels.  In  both  the  finite  element  results 
from  the  analysis  correlated  quite  well  with  experimental 
test  results. 

Whilst  this  work  has  focused  on  failures  due  to  static 
loading  it  raises  the  question: 

If  a  composite  structure  experiences  large  interlami¬ 
nar  stresses,  which  are  below  the  static  failure  levels,  will 
the  structure  experience  fatigue  failure  under  repetitive 
cyclic  loading? 

At  the  moment  there  are  insufficient  data  to  answer 
this  question.  The  challenge  is  to  develop  both  the 
necessary  test  data  and  to  validate  the  engineering/ 
mathematical  required  tools  to  assist  in  answering  the 
question. 
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Abstract 

In  the  aerospace  industries  bonded  composite  patches  are  being  increasingly  used  to  extend  the  operational  life  of  aging  aircraft. 
The  application  of  bonded  composite  patches  to  repair  or  reinforce  defective  metallic  structures  is  widely  acknowledged  as  an  ef¬ 
fective  and  versatile  procedure.  Such  patches  have  been  successfully  applied  to  the  repair  of  cracked  structures,  to  the  reinforcement 
of  components  subject  to  material  loss  due  to  corrosion  damage  and  as  a  general  means  of  stress  reduction  through  the  provision  of 
a  supplementary  load  path.  However,  certification  requirements  mandate  the  need  for  a  methodology  for  monitoring  the  damage 
state  of  both  the  defective  underlying  structure  and  of  the  repair.  In  this  case,  the  concept  of  smart  structures  can  be  used  to  detect 
damage  in  the  repair  itself  as  well  as  monitor  damage  growth  in  the  parent  structure. 

This  paper  will  report  on  the  development  of  a  ‘perceptive  repair’  or  ‘smart’  system  which  will  provide  information  on  the  in- 
service  performance  of  the  repair  and  the  associated  structure.  In  this  respect,  this  paper  will  focus  on  the  detection  of  disbond  in  the 
adhesive  layer  between  adherend  and  the  metallic  parent  structure.  Since  this  is  a  relatively  new  area,  a  series  of  numerical  studies 
were  initially  performed  to  reveal  the  salient  features  of  the  signals  expected.  These  numerical  findings  were  subsequently  confirmed 
experimentally.  Crown  Copyright  ©  2000  Published  by  Elsevier  Science  Ltd.  All  rights  reserved. 
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1.  Introduction 

Spillman  et  al.  [11]  defined  smart  material  and/or 
structure  as  a  system  that  is  designed  for  a  specific 
functional  purpose,  and  in  fulfilling  this  purpose,  it 
operates  at  a  higher  level  of  performance  than  its  con¬ 
ventional  counterpart.  The  system  senses  its  internal 
state  and  external  environment,  and  makes  decisions 
and/or  responds  based  on  data  obtained  to  meet  the 
functional  requirements.  These  decisions  and  adapta¬ 
tions  are  made  through  the  use  of  feedback  and  mem¬ 
ory.  One  of  the  primary  purposes  of  implementing  smart 
structure  is  to  promote  life  extension  and  to  prevent 
catastrophic  failures.  The  research  outcomes  in  smart 
structures/materials  are  applicable  to  the  following  in¬ 
dustries: 

1.  Aerospace  industries,  which  includes  aging  aircraft, 
space  vehicles,  satellites  and  space  stations. 

2.  Maritime  industries,  which  includes  ocean  going  ves¬ 
sels,  light-weight  high-speed  vessels,  floating  plat¬ 
forms  in  the  oil  and  gas  industries. 
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3.  Civil  infrastructures,  which  includes  buildings  (both 
new  and  old),  pipelines,  pressure  vessels. 

The  condition  monitoring  of  operational  health  and 
performance  condition  and  the  diagnosis  of  any  faults  as 
they  occur  is  a  relatively  new  technology  that  is  being 
developed  globally  to  provide  advantages  of  safer  and 
more  reliable  structures.  Monitoring  can  be  achieved  by 
placing  a  sensor  system  on  a  structure/machine  to 
measure  a  physical  quantity,  e.g.  vibration  signature, 
power  flow,  strain,  acoustic  emissions,  etc.  The  mea¬ 
surements  from  sensor  systems  can  be  interpreted  to 
provide  five  possible  levels  of  diagnosis: 

1.  damage  detection, 

2.  damage  location, 

3.  damage  force  magnitude, 

4.  partial  self-repair  of  the  damage,  and 

5.  the  remaining  life  of  the  structure. 

In  an  effort  to  utilise  smart  structures  concepts  for 
these  and  other  related  applications,  attention  has  fo¬ 
cussed  on  the  use  of  surface  mounted  sensors  and  ac¬ 
tuators  [6],  embedded  sensors  and  actuators  [7]  and  a 
combination  of  both  [10]. 

Chaudhry  et  al.  [6]  reported  on  the  monitoring  of  the 
integrity  of  composite  repairs  to  aluminium  structures. 
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They  used  a  series  of  surface  mounted  piezoceramic 
sensors/actuators  on  the  aluminium  surface  in  the  vi¬ 
cinity  of  the  repair  as  a  means  to  detect  possible  de¬ 
gradation  of  the  patch.  Here,  the  piezoceramic  patches 
acted  both  as  a  sensor  as  well  as  an  actuator.  They  re¬ 
portedly  were  able  to  detect  delamination  of  the  patch. 
In  another  application  of  surface  mounted  sensor/actu¬ 
ator  systems,  Lichtenwalner  et  al.  [8]  bonded  a  series  of 
piezoceramic  patches  on  a  flexbeam  of  an  MD-900  Ex¬ 
plorer.  Whilst  the  piezoceramic  patches  can  act  both  as 
an  actuator  and  as  a  sensor,  a  series  of  strain  gauges 
were  also  located  at  strategic  locations.  A  series  of 
notches  were  cut  into  the  test  specimen  to  simulate 
damage.  They  also  reported  a  simple  data  processing 
system  for  the  analysis  of  the  test  results  to  determine 
the  state  of  damage.  The  frequency  range  used  in  their 
study  spanned  from  200  Hz  to  20  KHz.  They  were  able 
to  quantify  the  existence  of  damage  induced  in  the  test 
specimen. 

In  a  bid  to  determine  the  presence  of  delaminations  in 
a  fibre  reinforced  composite  test  specimen,  Islam  and 
Craig  [7]  embedded  a  series  of  piezoceramic  patches 
onto  the  test  specimen.  The  frequency  at  which  the  in¬ 
vestigation  was  performed  ranged  from  100  Hz  to 
2  KHz.  This  work  found  that  the  frequency  response  of 
the  system  was  able  to  detect  the  presence  of  the  del¬ 
amination  in  their  test  specimen. 

The  use  of  piezoceramics  to  produce  Lamb  waves  for 
damage  detection  has  been  reported  by  numerous  au¬ 
thors  [5,9].  These  devices  are  designed  to  operate  at 
higher  frequencies  in  order  to  detect  damage  (i.e.  in  the 
order  of  1  MHz).  Lamb  waves  can  propagate  over  long 
distances,  giving  the  possibility  of  inspecting  several 
metres  of  structure  in  a  single  test.  By  controlling  the 
frequency  of  the  excitation,  a  single  non-dispersive  mode 
of  wave  can  be  achieved.  Peirce  et  al.  [10]  used  a  com¬ 
bination  of  this  technique,  together  with  an  optical  fibre 
sensor  embedded  in  a  composite  structure  to  determine 
the  presence  of  delamination  due  to  impact  damage. 


2.  Statement  of  problem 

One  of  the  main  thrusts  of  smart  structures/materials 
technology  is  to  develop  techniques,  for  both  new  and 
ageing  structures,  which  can  assess  structural  integrity. 
In  the  area  of  new  structures,  these  concepts  can  be  used 
to  both  identify  critical  regions  and  to  quantify  the 
structural  significance  of  any  damage  developing  on 
these  new  structures.  Similar  strategies  can  be  applied  to 
existing/aging  structures. 

In  the  aerospace  industries  composite  patches,  used 
to  repair  or  reinforce  defective  metallic  structures,  are 
being  increasingly  used  to  extend  the  operational  life  of 
aging  aircraft  [1,2].  It  is  recognised  as  a  very  effective 
and  versatile  procedure  for  repairing  many  types  of 


problems,  for  example  repairs  of  cracking,  localised  re¬ 
inforcement  after  removal  of  corrosion  damage  and  for 
reduction  of  fatigue  strain.  For  repairs  to  critical  com¬ 
ponents  (primary  aircraft  structure),  certification  re¬ 
quirements  mandate  a  rigorous  repair  validation 
procedure  as  well  as  a  methodology  for  monitoring  the 
damage  state  both  of  the  structure  and  of  the  repair  [3]. 
Baker  et  al.  [4]  argue  that  a  smart  patch  approach  using 
in  situ  structural  health  monitoring  (i.e.  smart  materials/ 
structures)  approach  for  the  patched  system  may  be 
necessary  to  alleviate  certification  concerns.  Here,  smart 
structures  concepts  can  be  used  to  determine  the  damage 
growth  under  these  patches  and  in  the  repair  itself.  This 
paper  addresses  the  suitability  of  some  sensing  tech¬ 
niques  which  can  be  employed  to  determine  the  state  of 
damage  in  a  structure  which  has  been  repaired  with  an 
adhesively  bonded  composite  doubler. 

This  paper  will  report  on  the  development  of  a 
‘perceptive  repair’  or  ‘smart’  system  which  will  provide 
information  on  the  in-service  performance  of  the  repair 
and  the  associated  structure.  These  systems  would  then 
provide  information  on  in-service  problems  and  there¬ 
fore  would  allow  timely  decisions  on  preventative  and 
schedule  maintenance  before  failure  of  the  repair  or  the 
repaired  structure.  In  this  respect,  this  paper  will  focus 
on  the  detection  of  disbond  in  the  adhesive  layer  be¬ 
tween  adherend  and  the  metallic  parent  structure.  Some 
of  the  criteria  of  this  smart  system  are  that  it  must  be 
economical,  reliable  and  preferably  self-powered.  To 
this  end,  it  was  proposed  that  piezoceramic  or  piezo¬ 
electric  material  be  utilised  because  of  their  ease  of 
application.  These  materials  were  chosen  because  they 
can  be  used  both  as  an  actuator  and  as  a  sensor.  This 
paper  will  present  a  set  of  numerical  investigations 
performed  to  highlight  the  viability  of  using  this  ma¬ 
terial  system,  and  the  associated  signal  analysis  that 
can  be  employed  to  detect  the  presence  or  the  devel¬ 
opment  of  disbonds  in  the  adhesive  in  a  bonded  repair 
situation.  These  numerical  findings  will  be  supported 
experimentally. 


3.  Numerical  study 

3.1.  Numerical  model 

Fig.  1  shows  a  schematic  diagram  of  the  problem 
which  simulates  a  bonded  repair  of  an  aluminium 
structure.  Here  the  parent  material  is  made  from  alu¬ 
minium  and  the  doubler  is  made  from  boron/epoxy, 
which  is  a  typical  repair  material  for  aluminium  struc¬ 
tures.  Fig.  2  show  the  mesh  used  in  the  analysis.  The 
aluminium  structure  is  3  mm  thick,  the  adhesive  layer  is 
0.2  mm  thick  and  the  boron/epoxy  (unidirectional)  is 
five  layers  thick  (approximately  0.6  mm).  The  material 
properties  of  the  material  used  are  as  follows: 
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Fig.  1 .  Schematic  of  a  typical  repair  situation. 


Fig.  2.  Finite  element  model  of  bonded  repair  system  with  PZT  ele¬ 
ments. 


Modulus  of  elasticity  of  aluminium  =  71  GPa 
Poissons  ratio  of  aluminium  =  0.3 
Compliance  of  boron/epoxy; 

Sxx  =  3.932  x  KT"  Pa-1, 

Syy  =  4.807  x  1(T12  Pa'1, 

Szz  =  3.932  x  10-11  Pa"1. 


Five  different  models  were  created  to  simulate: 

a  specimen  without  disbond  in  the  adhesive 
layer  (no  damage) 

b  specimen  with  a  5  x  5  mm  disbond  in  the 
adhesive  layer  (damage  1) 
c  specimen  with  a  10  x  10  mm  disbond  in  the 
adhesive  layer  (damage  2) 
d  specimen  with  a  13  x  13  mm  disbond  in  the 
adhesive  layer  (damage  3) 
e  specimen  with  a  20  x  20  mm  disbond  in  the 
adhesive  layer  (damage  4) 

One  of  the  aims  of  this  investigation  is  to  determine 
the  viability  of  using  piezoelectric  type  devices  for  de¬ 
tecting  the  disbonds  in  the  adhesive  layer  in  these  repair 
situations.  To  achieve  this,  the  model  contains  an  array 
of  piezoceramic  elements  (actuators/sensors)  located 
over  the  boron/epoxy  patch  and  the  aluminium  struc¬ 
ture.  Fig.  3  shows  the  location  of  these  actuator/sensors. 
The  modulus  of  elasticity  of  the  piezoceramic  was  as¬ 
sumed  to  be  64  GPa.  The  disbond,  modeled  in  cases  b-e, 
is  located  in  the  adhesive  layer  at  the  corner  of  the  patch 
under  piezoceramic  element  A. 

In  the  investigation,  each  piezoceramic  actuator/sen¬ 
sor  was  given  a  constant  force  sinusoidal  excitation  with 
frequencies  ranging  from  250  to  100000  Hz.  This  force 
is  only  applied  in  the  y-direction  (i.e.  in-plane  excita¬ 
tion).  This  input  is  used  to  simulate  a  broadband  exci¬ 
tation  given  to  the  actuator.  The  average  strain  levels 
(i.e.  output)  of  the  other  sensors  were  determined  for 
this  given  input.  Two  different  signal  analysis  technique 
were  assessed  to  determine  if  the  signal  from  the  sensor/ 
actuator  can  be  used  to  determine  the  presence  of  any 
disbond  in  the  adhesive  layer.  In  the  first  technique,  the 
individual  sensors  will  be  used  both  as  a  sensor  and  as 
an  actuator  (i.e.  a  single  piezoceramic  element  ap¬ 
proach).  This  is  one  of  the  advantages  of  the  using 
piezoceramic  materials.  In  the  second  technique,  a  single 
piezoceramic  element  will  be  excited  and  the  average 
strain  of  the  other  sensors  will  be  determined.  A  transfer 
function  between  the  actuator  and  a  sensor  will  be  cal¬ 
culated. 

In  the  first  set  of  analysis,  the  mechanical  impedance 
at  the  location  of  the  active  piezoceramic  element  will  be 
analysed.  Given  that  the  actuator  is  provided  with  a 
constant  force  over  the  entire  frequency  range  (250  Hz- 
100  kHz),  the  impedance  at  the  drive  point  (i.e.  at  the 
active  piezoceramic  element)  can  be  written  as 

Impedance  =  force/strain  rate.  (I) 

Here  the  force  can  be  written  as 

Force  =  Fe,<0?,  (2) 

where  co  is  the  angular  frequency  and  t  is  the  time. 
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If  we  are  only  interested  in  the  ^-direction  response  of 
the  piezoceramic  element,  the  expected  voltage  output  at 
the  piezoceramic  elements  due  to  this  excitation  can  be 
expressed  as 

Vs  =  (rf32)s(£2)sei<u('+«  (3) 

where  Vs  is  the  expected  voltage  output  from  sensor  and 
the  actuator,  respectively,  d22  the  piezoelectric  coeffi¬ 
cient,  (j>  the  phase  difference  between  the  excitation  and 
the  response  and  e2  is  the  average  strain  of  the  sensor  in 
the  y-direction.  For  the  purpose  of  this  analytical  study, 
the  value  of  rf32  was  taken  as  unity  and  from  Eq.  (1),  the 
magnitude  of  the  impedance  can  be  written  as 

Z  =  F/(icoe2).  (4) 

In  the  analysis  of  the  piezoceramic  sensor/actuator  dis¬ 
tributed  over  the  repaired  structure  is  actuated  in  turn 


and  the  mechanical  impedance  at  the  drive  point  is  de¬ 
termined  using  Eq.  (2).  In  this  respect,  the  technique  is 
similar  to  that  reported  by  Chaudhry  et  ah  [6].  This 
investigation  will  demonstrate  if  this  method  can  be  used 
to,  firstly,  detect  the  presence  of  disbond  in  the  adhesive 
layer  and,  secondly,  monitor  the  development  of  the 
disbond. 

In  the  second  analysis  technique,  the  transfer  func¬ 
tions  between  the  sensors  and  the  actuator  is  evaluated. 
Changes  in  these  transfer  functions  will  indicate  if 
damage  can  be  detected  using  this  technique.  It  must 
be  emphasised  at  this  stage  that  we  are  not  attempting 
to  use  modal  analysis  to  determine  the  presence  of 
damage  in  the  structure.  Here  the  transfer  function  is 
defined  as 


Transfer  function,  TF  =  Vs/Vlx , 

(5) 

Vs  = 

(6) 

K  =  (d>  2)»aei"’^>. 

(V) 

Here,  Ks  and  Va  are  the  expected  voltage  output  from 
sensor  and  the  actuator,  respectively,  d32  the  piezoelec¬ 
tric  coefficient,  <£  and  a  are  the  phases  of  the  response 
due  to  the  forcing  provided  in  Eq.  (1)  and  v.2  is  the  av¬ 
erage  strain  of  the  sensor/actuator  in  the  y-direction. 

3.2 .  Numerical  results  and  discussions 

3.2.1.  Electromechanical  impedance  measurements 

Fig.  4(a)-(f)  show  the  impedance  plots  obtained  from 
the  finite  element  analysis.  When  the  sensor/actuator 
was  located  on  the  damage  location  (Fig.  4(a)),  the  im¬ 
pedance  measurement  (as  in  Eq.  (2))  decreases  with  in¬ 
creasing  disbond  size.  The  impedance  plot  for  sensor/ 
actuator  E  is  shown  in  Fig.  4(e)  and  (f).  Here  it  is  evident 
that  the  impedance  measurement  did  not  show  appre¬ 
ciable  changes  until  the  disbond  develops  into  the  sen¬ 
sor/actuator.  Take  Fig.  4(0  as  an  example,  the 
impedance  of  the  sensor/actuator  did  not  show  any 
appreciable  change  when  the  disbond  is  limited  to 
13  mm  x  13  mm.  However,  as  soon  as  the  disbond 
(20  mm  x  20  mm)  grew  under  the  sensor/actuator,  there 
is  a  decrease  in  the  local  impedance.  These  results  show 
that  the  impedance  technique  has  a  potential  for  use  in 
detecting  disbond  in  bonded  repairs. 

Fig.  4(c)  and  (d)  show  the  impedance  plots  of  sensor/ 
actuator  located  outside  the  damage  area.  It  can  be  seen 
from  these  figures  that  the  predicted  impedance  did  not 
show  any  changes  with  damage  size.  This  revealed  that 
if  the  impedance  measurements  are  to  be  sensitive  to 
the  presence  of  disbond  in  the  adhesive  layer,  then  the 
sensor/actuator  has  to  be  placed  over  or  close  to  the 
location  of  the  damage. 
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3.2.2.  Transfer  function  technique 

In  this  section  of  the  investigation,  the  piezoceramic 
actuators  distributed  over  the  repair  were  actuated  in- 
dividually  and  the  transfer  function  between  the  actua¬ 
tor  and  the  rest  of  the  sensors  were  calculated.  Fig.  5(a) 
and  (b)  show  some  examples  of  transfer  functions  when 
A  was  used  as  an  actuator.  It  is  evident  from  this  figure 
that  the  magnitude  of  the  transfer  functions  was  ob¬ 
served  to  decrease  when  the  size  of  the  damage  increases. 
Given  that  the  size  of  the  actuator  was  10  mm  x  10  mm, 
it  is  interesting  to  note  a  significant  decrease  in  the 
magnitude  of  the  transfer  function  when  the  disbond 
developed  past  the  sensor  (i.e.  disbond  sizes  of 
13  mm  x  13  mm  and  20  mm  x  20  mm).  It  must  be 
emphasised  at  this  stage  that  this  numerical  study  as¬ 


sumed  a  zero  stiffness  adhesive  layer  in  the  region  of  the 
disbond.  This  dramatic  decrease  in  the  magnitude  of  the 
transfer  function  may  not  be  quite  as  drastic  in  reality 
because  the  stiffness  over  the  disbond  may  not  be  0  due 
to  friction  and  other  factors.  However,  the  trend  ob¬ 
served  in  this  set  of  numerical  analysis  does  show  that 
there  is  a  potential  of  using  this  transfer  function  tech¬ 
nique  to  monitor  the  development  of  disbond  in  the 
bonded  repair  situation. 

Fig.  6(a)  and  (b)  show  the  transfer  functions  when  the 
piezoceramic  element  at  A  was  used  as  a  sensor  and  the 
excitation  was  provided  by  the  other  piezoceramic  ele¬ 
ments  (i.e.  at  locations  D  and  E).  It  is  evident  from  these 
plots  that  the  size  of  the  disbond  can  also  be  inferred 
from  these  transfer  functions.  A,  similar  trend  of  a 
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Fig.  4.  (a)  Impedance  plot  for  sensor/actuator  A.  (b)  Impedance  plot  for  sensor/actuator  A  (narrow  frequecy  band;  4000  to  40  000  Hz),  (c)  Im¬ 
pedance  plot  for  sensor/actuator  C  (next  to  the  damage  area),  (d)  Impedance  plot  for  sensor/actuator  C  (narrow  frequecy  band;  4000  to  40000  Hz), 
(e)  Impedance  plot  for  sensor/actuator  E.  (f)  Impedance  plot  for  sensor/actuator  E  (narrow  frequecy  band;  4000  to  40  000  Hz). 
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Fig.  4.  (Continued). 


decrease  in  the  magnitude  of  the  transfer  function  was 
observed.  Like  the  result  shown  in  Fig.  5(a)  and  (b),  the 
results  shown  in  Fig.  6(a)  and  (b)  show  that  the  decrease 
in  magnitude  of  the  transfer  function  may  provide  an 
indication  of  the  developing  disbond  in  the  adhesive 
layer. 

Fig.  7(a)  and  (b)  show  the  transfer  functions  when  the 
piezoceramic  element  at  E  was  used  as  an  actuator.  As 
discussed  earlier,  the  disbond  will  only  develop  partially 
into  sensor  E  when  the  damage  grew  to  20  mm  x  20 
mm.  These  results  are  similar  to  those  obtained  earlier, 
which  show  that  the  magnitude  of  the  transfer  function 
is  relatively  unchanged  until  the  damage  begins  to  de¬ 


velop  under  the  piezoceramic  element  used  as  an  actu¬ 
ator  or  that  used  as  the  sensor. 

Fig.  8  show  the  transfer  functions  obtained  when  the 
sensor  interrogated  was  located  outside  the  damage  ar¬ 
ea.  These  results  show  that  there  is  little  change  in  the 
transfer  function  when  the  sensor/actuator  pair  is  lo¬ 
cated  outside  the  damage  area.  This  unchanging  transfer 
function  may  be  used  to  assess  the  integrity  of  sensor/ 
actuator  pairs  in  practice.  More  research  is  required  for 
the  development  of  a  suitable  algorithm  to  utilise  this 
information  to  determine  the  reliability  of  the  sensor/ 
actuator  pair  and  to  discriminate  sensor  degradation 
from  actual  structural  damage  detected. 
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Fig.  5.  (a)  Magnitude  of  the  transfer  function  between  actuator  A  and  sensor  D.  (b)  Magnitude  of  the  transfer  function  between  actuator  A  and 
sensor  E. 
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Fig.  6.  (a)  Magnitude  of  the  transfer  function  between  actuator  D  and  sensor  A.  (b)  Magnitude  of  the  transfer  function  between  actuator  E  and 
sensor  A. 
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Fig.  7.  (a)  Magnitude  of  the  transfer  function  between  actuator  E  and  sensor  D.  (b)  Magnitude  of  the  transfer  function  between  actuator  E  and 
sensor  H. 


4.  Experimental  study 

4.1.  Experimental  test  specimen  and  setup 

Fig.  9  illustrates  schematically  the  repair  configu¬ 
ration  considered  in  this  paper.  It  involves  a  5-ply 
unidirectional  Boron/Epoxy  patch  bonded  onto  an 
aluminium  plate  with  a  Teflon  strip  inserted  into  the 
bondline  at  the  location  marked  ‘A\  Four  such 
specimens  were  prepared  each  with  a  different  Teflon 
strip  size:  5  mm  x  5  mm,  10  mm  x  10  mm,  15  mm 
x  1 5  mm  and  20  mm  x  20  mm  so  as  to  simulate  the 
progressive  enlargement  of  a  disbond  as  might  occur 


during  active  service.  A  further  specimen  was  pre¬ 
pared  without  a  Teflon  insert  to  serve  as  a  reference 
against  which  comparisons  could  be  made.  Three  PZT 
elements  were  bonded  onto  the  specimen  as  shown  in 
Fig.  9.  Whilst  element  1  was  bonded  directly  over  the 
disbond,  elements  2  and  3  were  bonded  on  the  alu¬ 
minium  host.  The  intention  in  this  study  was  to  ex¬ 
amine  whether  PZT  elements  bonded  in  such  an 
arrangement  could  be  interrogated  so  as  to  provide 
indication  of  the  extent  of  simulated  disbonding  at  the 
glue  line. 

The  Transfer  Function  approach  and  the  Electrome¬ 
chanical  Impedance  Method  described  in  the  numerical 


Transfer  Function 
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Fig.  8.  Magnitude  of  the  transfer  function  between  actuator  C  and 
sensor  D. 
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Fig.  9.  Schematic  of  test  specimen. 


section  of  this  paper  were  employed  to  detect  the  pres¬ 
ence  of  disbond  in  the  repaired  system. 

4.2.  Experimental  results 

4.2.1.  Electromechanical  impedance  method 

The  degree  of  disbond  of  the  composite  patch  was 
successfully  monitored  with  microprocessor-based  elec¬ 
trical  impedance  analysers  on  the  specimen  (Fig.  9). 
High-resolution  amplitude  and  phase  measurements 
were  made  in  the  400  Hz  to  1  kHz  and  1  to  25  kHz 
bands.  The  experimental  results  for  the  repair  patch  are 
presented  in  Figs.  10  and  1 1  when  impedance  was  taken 
from  sensor/actuator  (1). 

In  Fig.  10  it  was  found  that  the  changes  were  clear 
and  distinctive.  Progressive  disbonds  produce  down¬ 
ward  translation  in  the  ^-direction  in  increasing  fre¬ 
quencies.  The  frequency  shift  and  degree  of  modulation 
depends  on  the  location  of  damage  as  well  as  the  actu¬ 
ator-sensor  PZT  patch  location.  Here  the  frequency 
range  of  400  to  1000  Hz  was  used.  When  a  higher  fre¬ 
quency  range  used,  the  impedance  curve  tends  to  bend 
together  (see  Fig.  11).  It  is  obvious  from  these  results 
that  the  choice  of  frequency  range  is  important. 

It  was  also  found  that  in  order  to  detect  a  disbond  the 
PZT  needs  to  be  located  on  the  patch.  Placing  the  ele¬ 
ment  on  the  host  structure  for  example  yields  no  mea¬ 
surable  indication  of  the  disbond  (Figs.  12  and  13). 

When  the  PZT  located  on  the  aluminium  structure 
(i.e.  sensor/actuator  2)  was  used,  the  responses  are 
shown  in  Figs.  12  and  13.  It  is  clear  from  these  figures 
that  the  Impedance  Method  is  particularly  effective 
when  the  sensor/actuator  was  located  directly  over  the 
damage  area. 


Fig.  10.  Effect  of  disbonding  on  impedance  magnitude  (low  frequency). 
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Fig.  1 1 .  Effect  of  disbonding  on  impedance  magnitude  (high  frequency). 
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Fig.  12.  Effect  of  distance  on  impedance  magnitude  (low  frequency). 

4.2.2 .  Transfer  function  technique  3.  When  PZT  (2)  was  used  as  a  sensor  and  PZT  (3)  was 

The  specimens  that  were  used  in  the  Impedance  used  as  an  actuator. 

Method  were  used  to  demonstrate  the  effectiveness  of  The  acquisition  of  data  done  using  the  transfer  function 

the  Transfer  Function  Method.  This  method  was  found  between  the  sensor  and  actuator  can  be  described  as 

to  be  very  sensitive  to  the  presence  of  disbond.  follows: 

In  this  investigation,  three  sets  of  experiments  were  1.  A  broadband  signal  using  an  AND  AD-3525  FFT 
conducted  (referring  to  Fig.  9):  Analyser  was  used  to  evaluate  the  transfer  function 

1.  When  PZT  (1)  was  used  as  a  sensor  and  PZT  (2)  was  and  to  provide  the  broadband  input  signal  to  the  ac- 

used  as  an  actuator.  tuator.  The  frequency  bandwidth  used  was  250  Hz  to 

2.  When  PZT  (2)  was  used  as  a  sensor  and  PZT  (1)  was  100  kHz  and  the  RMS  amplitude  of  signal  input  was 

used  as  an  actuator.  set  at  2  V. 


442 


W.K.  Chiu  et  ah  /  Composite  Structures  50  (2000)  433  444 


0.0  5.0  10.0  15.0  20.0  25.0 

Frequency  {  Hz ) 

Fig.  13.  Effect  of  distance  on  impedance  magnitude  (high  frequency). 


2.  Thirty  averages  are  taken  to  obtain  a  single  frequency 
response  function. 

3.  The  real  and  imaginary  transfer  function  of  the  cur¬ 
rent  drawn  by  the  sensor  is  recorded  and  converted 
to  magnitude  and  phase. 

In  this  manner,  the  transfer  function  for  the  various 
damage  state  was  obtained,  disbond  sizes  can  be  easily 
observed.  In  the  case  whereby  PZT  (1)  was  used  as  a 
sensor  and  PZT  (2)  was  used  as  an  actuator,  Fig.  14 
shows  the  amplitude  of  the  Transfer  Function  obtained. 
When  this  spectrum  was  integrated  over  the  entire  fre¬ 
quency  band  in  a  similar  fashion  to  that  of  [8]  the  effects 


of  the  size  of  disbond  under  the  patch  on  the  frequency 
response  can  clearly  be  seen. 

Fig.  15  shows  the  results  obtained  when  PZT  (2)  was 
used  as  a  sensor  and  PZT  (3)  was  used  as  an  actuator. 
This  figure  that  indicates  the  sensor  has  to  be  located 
over  the  damage  area  for  integrity  assessment.  When 
PZT  (2)  (i.e.  on  aluminium  structure)  was  used  as  sensor 
and  PZT  (1)  (i.e.  over  damage)  was  used  as  an  actuator 
the  results  shown  in  Fig.  16  are  similar  to  that  in  Fig.  14. 
This  shows  that  this  method  is  capable  of  detecting  the 
disbond  as  long  as  a  sensor  or  an  actuator  is  located 
over  the  damage  area. 


Fig.  14.  Effect  of  debonding  on  transfer  function  magnitude  area  (actuator  on  aluminum). 
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Fig.  15.  Effect  of  aluminium  structure  on  transfer  function  magnitude  area. 


5.  Conclusions 

The  results  presented  in  this  paper  show  the  possibility 
of  using  piezoelectric  elements  for  the  development  of  a 
‘smart’  patch.  The  main  conclusions  of  this  paper  are: 

•  Impedance  measurement  can  be  used  to  determine 
the  presence  of  damage. 

•  When  impedance  measurements  are  used,  the  sensor/ 
actuator  must  be  located  close  to  the  damage  area. 

•  Transfer  function  technique  may  be  used  to  quantify 
the  extent  of  disbond  in  a  bonded  repair. 

•  This  technique  may  also  be  used  to  determine  the  in¬ 
tegrity  of  the  ‘smart’  system. 

From  the  results  obtained  above,  it  is  clear  that  both 
methods  should  be  in  conjunction  with  one  another  to 
determine  the  size  of  disbond.  This  provides  a  particu¬ 
larly  attractive  monitoring  system/strategy  as  they  can 


be  used  to  compare  the  readings  from  one  method  to 
another.  It  transpires  that  when  the  critical  location  is  in 
a  region  of  high  stresses  the  transfer  function  method  is 
particularly  attractive  because  the  actuating  PZT  can  be 
located  in  a  low  stress  region,  while  the  sensor  placed  in 
the  high  stress  region  can  be  made  from  a  more  fatigue 
resistant  PVDF. 
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